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ABSTRACT

Pile foundations have various kinds of applications in both onshore and offshore

environments. The use of large-diameter piles with smaller length-to-diameter ratio

installed in both sand and clay in offshore environments has increased significantly in last

few decades. This thesis concentrates on the numerical modeling of large diameter suction

caisson and monopile foundation systems installed in dense sand subjected to oblique

pullout and eccentric lateral loading, respectively.

In the first part of this thesis, three-dimensional finite element (FE) analyses have been

performed to evaluate the inclined loading pullout capacity of suction caisson in dense

sand. The numerical issues due to mesh distortion at large displacement have been reduced

by the use of Arbitrary Lagrangian Eulerian (ALE) method offered by the commercially

available Abaqus/Explicit FE software. The first set of the analyses has been conducted

using the built-in Mohr-Coulomb (MC) soil model in Abaqus; however, it is unable to

address the post-peak softening behavior of dense sand. In the next set, a modified form of

Mohr-Coulomb (MMC) model has been employed by the aid of user-subroutine to capture

the pre-peak hardening and post-peak softening behavior of dense sand. FE analyses results

are compared with the centrifuge test results available in literature. The MMC model has

been found to simulate better the soil behavior around the caisson.

In the second part of the thesis, FE analyses have been performed to estimate the
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lateral load-carrying capacity of large diameter monopile in dense sand for different load

eccentricities. The above mentioned MMC model has been employed in the simulations.

The simulation results are compared with available centrifuge test results and a good match

has been found. A parametric study has also been performed and a simplified method to

estimate the capacity of monopile has been proposed. Analyses have also been conducted

with the MC model. The comparison between the results obtained with the MMC and the

MC models have been presented. The response of soil surrounding the monopile during

loading is also examined.

ii



ACKNOWLEDGEMENT

I would like to thank Dr. Bipul Hawlader for his constant guidance and support during this

research work. It has been a great pleasure working with him. A great deal of inspiration

was provided by my friends and colleagues in Memorial University during my stay at St.

John's. I am especially grateful to Md. Iftekharuzzaman for his help associated with the

development of the initial finite element models. Also, the support associated with the

implementation of the modified Mohr-Coulomb model in Abaqus from Kshama Roy is

greatly appreciated.

My parents and family members inspired me a lot to carry out this research work. They

were always beside me while conducting the research works and advised me throughout.

I would like to thank the School of Graduate Studies (SGS) of Memorial University,

MITACS and NSERC for providing financial support for this research work.

iii



Table of Contents

ABSTRACT i

ACKNOWLEDGEMENT iii

Table of Contents iv

List of Tables ix

List of Figures x

List of Symbols xiii

1 Introduction 1

1.1 General . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 1

1.2 Scope of the Work . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 3

1.3 Objectives . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 3

1.4 Organization of Thesis . . . . . . . . . . . . . . . . . . . . . . . . . . . . 4

1.5 Contributions . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 5

2 Literature Review 7

2.1 Introduction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 7

2.2 Suction Caisson: An Overview . . . . . . . . . . . . . . . . . . . . . . . . 8

iv



2.2.1 Research on Suction Caisson . . . . . . . . . . . . . . . . . . . . . 11

2.2.1.1 Field Trials . . . . . . . . . . . . . . . . . . . . . . . . . 11

2.2.1.2 Laboratory Model Tests . . . . . . . . . . . . . . . . . . 14

2.2.1.3 Centrifuge Tests . . . . . . . . . . . . . . . . . . . . . . 18

2.2.1.4 Finite Element (FE) Analysis . . . . . . . . . . . . . . . 21

2.3 Large Diameter Monopiles as Offshore Wind Turbine Foundation System:

An Overview . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 25

2.3.1 Capacity of Laterally Loaded Rigid Piles . . . . . . . . . . . . . . 26

2.3.1.1 p−y Curve Method for Sand . . . . . . . . . . . . . . . 26

2.3.1.2 Limitations of p − y Curve Method for Large-Diameter

Pile . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 29

2.3.2 Research on Large Diameter Monopiles . . . . . . . . . . . . . . . 30

2.3.2.1 Field Trials on Laterally Loaded Rigid Piles . . . . . . . 31

2.3.2.2 Laboratory Model Tests . . . . . . . . . . . . . . . . . . 32

2.3.2.3 Centrifuge Tests . . . . . . . . . . . . . . . . . . . . . . 34

2.3.2.4 Finite Element (FE) Analyses . . . . . . . . . . . . . . . 36

2.4 Summary . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 39

Bibliography 41

3 Numerical Analysis of Inclined Uplift Capacity of Suction Caisson in Sand 59

3.1 Abstract . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 60

v



3.2 Introduction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 61

3.3 Problem Definition . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 63

3.4 Finite Element Model . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 64

3.4.1 Modeling of Suction Caisson . . . . . . . . . . . . . . . . . . . . . 66

3.4.2 Modeling of Mooring Line . . . . . . . . . . . . . . . . . . . . . . 67

3.4.3 Modeling of Sand . . . . . . . . . . . . . . . . . . . . . . . . . . . 67

3.4.4 Interface Behavior . . . . . . . . . . . . . . . . . . . . . . . . . . 67

3.4.5 Modulus of Elasticity of Sand . . . . . . . . . . . . . . . . . . . . 68

3.4.6 Mooring Positions and Load Inclination Angles . . . . . . . . . . . 69

3.5 Results . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 69

3.5.1 Mesh Sensitivity Analysis . . . . . . . . . . . . . . . . . . . . . . 69

3.5.2 Force-displacement Curves . . . . . . . . . . . . . . . . . . . . . . 70

3.5.3 Pullout Capacity . . . . . . . . . . . . . . . . . . . . . . . . . . . 73

3.5.4 Rotation . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 75

3.5.5 Lateral Displacement . . . . . . . . . . . . . . . . . . . . . . . . . 79

3.5.6 Shape of Soil Failure Wedge . . . . . . . . . . . . . . . . . . . . . 82

3.6 Effect of Aspect Ratio (L/D) . . . . . . . . . . . . . . . . . . . . . . . . . 85

3.7 Analyses Using Modified Mohr-Coulomb Model . . . . . . . . . . . . . . 88

3.8 Conclusions . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 93

3.9 Acknowledgements . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 94

Bibliography 95

vi



4 Numerical Analysis of Large-Diameter Monopiles in Dense Sand Supporting

Offshore Wind Turbines 100

4.1 Abstract . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 101

4.2 Introduction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 101

4.3 Finite Element Model . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 105

4.3.1 Modeling of the Monopile . . . . . . . . . . . . . . . . . . . . . . 107

4.3.2 Modeling of Sand . . . . . . . . . . . . . . . . . . . . . . . . . . . 108

4.3.3 Model Parameters . . . . . . . . . . . . . . . . . . . . . . . . . . 110

4.4 Model Test Simulation Results . . . . . . . . . . . . . . . . . . . . . . . . 112

4.4.1 Simulation of Klinkvort and Hededal (2014) Centrifuge Test Results 112

4.4.2 Effects of Vertical Load . . . . . . . . . . . . . . . . . . . . . . . 115

4.4.3 FE Simulation with Mohr-Coulomb Model . . . . . . . . . . . . . 117

4.4.4 Soil Failure Mechanism . . . . . . . . . . . . . . . . . . . . . . . 118

4.5 FE Simulations for Different Aspect Ratios . . . . . . . . . . . . . . . . . 121

4.5.1 Force−displacement and Moment−rotation Curves . . . . . . . . . 122

4.5.2 Point of Rotation . . . . . . . . . . . . . . . . . . . . . . . . . . . 124

4.5.3 Force−moment Interaction Diagram . . . . . . . . . . . . . . . . . 126

4.5.4 Horizontal Stress Around The Pile . . . . . . . . . . . . . . . . . . 126

4.5.5 Effects of η and e on initial stiffness . . . . . . . . . . . . . . . . . 128

4.6 Proposed Equation for Lateral Load-carrying Capacity and Moment . . . . 129

4.7 Lateral Force-Moment Interaction . . . . . . . . . . . . . . . . . . . . . . 132

vii



4.8 Conclusions . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 134

4.9 Acknowledgements . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 135

Bibliography 136

5 Conclusions and Future Recommendations 145

5.1 Conclusions . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 145

5.2 Future Recommendations . . . . . . . . . . . . . . . . . . . . . . . . . . . 148

Appendix A 149

Appendix B 157

viii



List of Tables

2.1 Major field applications of suction caissons (modified from Tran, 2005) . . 10

2.2 Large scale field tests on suction caissons installed in clay . . . . . . . . . 13

2.3 Centrifuge tests on suction caissons installed in clay . . . . . . . . . . . . . 21

2.4 Summary of finite element analyses of suction caissons in clay . . . . . . . 24

3.1 Geometry and mechanical properties in FE modeling . . . . . . . . . . . . 68

3.2 Geometric parameters for different aspect ratios . . . . . . . . . . . . . . . 86

3.3 Equations for Modified Mohr-Coulomb Model (MMC) (after Roy et al.,

2014a) . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 89

4.1 Equations for Modified Mohr-Coulomb model (MMC) (summarized from

Roy et al., 2014a,b) . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 110

4.2 Soil parameters used in FE analyses . . . . . . . . . . . . . . . . . . . . . 113

4.3 Dimensions used for varying aspect ratio . . . . . . . . . . . . . . . . . . . 122

ix



List of Figures

2.1 Schematic of a typical suction caisson . . . . . . . . . . . . . . . . . . . . 9

2.2 Use of suction caisson (redrawn after Maniar, 2004) . . . . . . . . . . . . . 9

2.3 Schematic of a monopile supporting offshore wind turbine (redrawn after

Malhotra, 2011) . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 25

2.4 p− y curves generated by the Reese et al. (1974) approach . . . . . . . . . 28

3.1 Problem definition . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 64

3.2 FE mesh used in the analysis . . . . . . . . . . . . . . . . . . . . . . . . . 65

3.3 Mesh sensitivity analysis . . . . . . . . . . . . . . . . . . . . . . . . . . . 70

3.4 Force-displacement curve for 5% mooring position . . . . . . . . . . . . . 71

3.5 Force-displacement curve for 25% mooring position . . . . . . . . . . . . . 71

3.6 Force-displacement curve for 50% mooring position . . . . . . . . . . . . . 72

3.7 Force-displacement curve for 75% mooring position . . . . . . . . . . . . . 73

3.8 Force-displacement curve for 95% mooring position . . . . . . . . . . . . . 73

3.9 Comparison of pullout capacity between FE and centrifuge tests . . . . . . 74

3.10 Rotation-displacement curve for 5% mooring position . . . . . . . . . . . . 75

3.11 Rotation-displacement curve for 25% mooring position . . . . . . . . . . . 76

3.12 Rotation-displacement curve for 50% mooring position . . . . . . . . . . . 76

3.13 Rotation-displacement curve for 75% mooring position . . . . . . . . . . . 77

x



3.14 Rotation-displacement curve for 95% mooring position . . . . . . . . . . . 78

3.15 Force-rotation curve for 5% mooring position . . . . . . . . . . . . . . . . 78

3.16 Force-rotation curve for 25% mooring position . . . . . . . . . . . . . . . 79

3.17 Force-rotation curve for 50% mooring position . . . . . . . . . . . . . . . 79

3.18 Force-rotation curve for 75% mooring position . . . . . . . . . . . . . . . 80

3.19 Force-rotation curve for 95% mooring position . . . . . . . . . . . . . . . 80

3.20 Rotation of caisson at pullout capacity . . . . . . . . . . . . . . . . . . . . 81

3.21 Lateral displacement of caisson for θ = 0◦ . . . . . . . . . . . . . . . . . . 81

3.22 Maximum principal plastic strain and total displacement profile for 75%

mooring position and 1.5 m displacement at θ = 0◦ . . . . . . . . . . . . . 83

3.23 Maximum principal plastic strain and total displacement profile for 25%

mooring position and 1.5 m displacement at θ = 0◦ . . . . . . . . . . . . . 84

3.24 Failure wedge for θ = 67.5◦ and 90◦ and all mooring positions . . . . . . . 84

3.25 Failure wedge for θ = 0◦, 22.5◦ and 45◦: (a) mooring positions 5%, 25%

and 50%, (b) mooring positions 75% and 95% . . . . . . . . . . . . . . . . 85

3.26 Normalized Force-displacement curves for 50% mooring position . . . . . 87

3.27 Normalized pullout capacity for θ = 0◦ for different mooring positions . . . 87

3.28 Force-displacement curve for 75% mooring position with MC and MMC

model . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 90

3.29 Development of plastic shear strain at 0.1D and 0.3D pad eye displacement 91

3.30 Mobilized ϕ′ and ψ using MMC for 0.1D and 0.3D pad eye displacement . 92

xi



4.1 Problem statement: (a) loading and sign convention, (b) assumed pressure

distribution, (c) mode of shearing of soil elements . . . . . . . . . . . . . . 105

4.2 FE mesh used in this study . . . . . . . . . . . . . . . . . . . . . . . . . . 107

4.3 Comparison between FE simulation and centrifuge test results by Klinkvort

and Hededal (2014) . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 114

4.4 Effects of vertical load and eccentricity on: (a) ultimate capacity and (b)

initial stiffness . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 116

4.5 Development of plastic shear zone around the monopile . . . . . . . . . . . 119

4.6 Mobilized ϕ′ and ψ around the monopile . . . . . . . . . . . . . . . . . . . 120

4.7 Analysis for L = 12 m and D = 3 m: (a) lateral force−displacement, (b)

moment−rotation . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 124

4.8 Lateral displacement for different length-to diameter ratios and eccentricities125

4.9 Lateral load−moment interaction diagrams: (a) for θ = 0.5◦, (b) for θ = 1◦,

(c) for θ = 5◦ . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 127

4.10 Development of soil horizontal stress at ultimate state (θ = 5◦) in the plane

of symmetry . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 128

4.11 Effects of length-to-diameter ratio and eccentricity on initial stiffness . . . . 129

4.12 Comparison between lateral loads calculated from proposed simplified

equation and FE analyses . . . . . . . . . . . . . . . . . . . . . . . . . . . 131

4.13 Normalized force−moment interaction diagram for θ = 0.5◦, 1◦ and 5◦ . . 133

xii



List of Symbols

L length of pile

D diameter of pile

t thickness of pile

Ip moment of inertia of the pile section

µ pile/soil interaction properties

ϕµ pile/soil interface friction angle

H lateral load capacity

M moment capacity

K0 lateral earth pressure coefficient at rest

k coefficient of initial modulus of horizontal subgrade reaction

p soil reaction per unit length of pile

pu ultimate soil reaction per unit length of pile

y lateral deflection of pile

E0 initial stiffness

ϕ′ effective internal friction angle of soil

ϕ′
p peak friction angle of soil

ϕ′
c critical state friction angle of soil

ϕ′
in ϕ′ at the start of plastic deformation

xiii



ψ dilation angle of soil

ψp peak dilation angle of soil

Dr relative density of soil

ID relative density index of soil

γp engineering plastic shear strain

Es Young's modulus of soil

Ep Young's modulus of pile

νs Poisson's ratio of soil

νp Poisson's ratio of pile

γ′ submerged unit weight of soil

patm atmospheric pressure

θ load inclination angle

σ′
v initial vertical effective stress

g gravitational acceleration

R rigidity parameter of pile

e load eccentricity

p′ mean stress

σ′
c confining pressure

γ̇p plastic shear strain increment

ϵ̇pij plastic strain increment tensor

xiv



Chapter 1

Introduction

1.1 General

Various are the applications of pile foundations in both onshore and offshore environments.

In last few decades, the use of large-diameter piles installed in both sand and clay has

been expanded significantly for diverse applications under different loading conditions.

The increased use of large-diameter piles in different forms such as suction caisson and

monopile foundation systems under oblique and lateral loading, respectively, has earned

great attention of the researchers around the world. The behavior of suction caissons and

monopiles in sand under such loading conditions is not well understood.

An innovative foundation system widely used in the offshore to resist both axial and lateral

loading as well as oblique loading is the suction caisson (also known as suction anchors,

suction piles or suction buckets). A suction caisson is a large-diameter hollow cylinder,

usually made of steel having top end closed and bottom end opened that is installed in soil

by applying suction with pumping water out of caisson interior. The advantages of suction

caissons over traditional pile foundations and anchors include fast installation, elimination

of the pile driving process, reduction in material costs and reusability. Suction caissons are

now widely being used in offshore industries for anchoring large offshore floating facilities
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to the seafloor. The use of suction caisson as a foundation system to support offshore wind

turbines is also gaining popularity.

Although suction caisson is now a widespread anchorage option for offshore floating

facilities, the behavior of caisson under oblique pullout loading is yet to be investigated

further. The pullout capacity of suction caisson under inclined load is one of the main design

concerns. Suction caisson is now being preferred to other conventional foundation systems

such as long pile and embedded anchors in deep water oil and gas development projects

because of its inherent advantages as stated earlier. The necessity of better understanding

of the behavior of suction caisson has, therefore, increased significantly.

Another foundation system which is being extensively used to support offshore wind turbine

is the large-diameter monopile. The current design practice of monopile is based on the p−y

curve method, which has originally been developed from the field test data on long and

flexible piles with small load eccentricity and having relatively small diameters compared

to monopiles. Since large moment and lateral load are anticipated on offshore wind turbine

supporting monopiles, the design of these monopiles based on so called p−y curve method

requires significant extrapolation. Thus, the need of an appropriate design approach for

large-diameter monopiles is essential.
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1.2 Scope of the Work

The advancement of computing power in last few decades has expedited the significant

improvement of finite element (FE) modeling techniques. With today’s computing

facilities, FE simulation can be performed with greater accuracy and reliability. In this

study, three-dimensional FE analyses have been performed to simulate the behavior of

suction caisson as mooring system for offshore floating facilities as well as the behavior

of monopile foundation for supporting offshore wind turbines in dense sand. The FE

analyses have been conducted using FE software package Abaqus 6.13-1. Very limited

studies of FE modeling of large-diameter pile foundations are available in the literature.

Most of the available FE analyses were conducted using the built-in elastic-perfectly plastic

Mohr-Coulomb model available in commercial software packages. However, post-peak

softening of stress−strain behavior of dense sand is a well-known phenomenon. These

characteristics, including other features of stress−strain behavior, need to be incorporated

in the soil model for successful simulation of response of suction caisson and monopiles.

1.3 Objectives

The main objectives of this study are:

i) evaluation of the pullout capacity of suction caisson anchors in dense sand for

offshore floating facilities under oblique loading; and

ii) estimation of the load-carrying capacity of large-diameter monopile foundations
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installed in dense sand for offshore wind turbines subjected to lateral loading at

different load eccentricities.

In order to achieve the above mentioned objectives, FE analyses have been performed

using the built-in Mohr-Coulomb model and also by implementing a better soil model

that can capture many features of dense sand behavior. In addition, simplified methods

are proposed for preliminary estimation of the pullout capacity of suction caissons and the

lateral load-carrying capacity of monopiles.

1.4 Organization of Thesis

This thesis consists of five chapters and is written in “manuscript” format.

• Chapter 1 is the starting chapter presenting the objectives and backgrounds of this

study.

• Chapter 2 presents a comprehensive literature review related to suction caisson and

large-diameter monopile foundations in sand.

• Chapter 3 is on the pullout capacity of suction caissons under inclined loading in

dense sand. This chapter has been published as a technical paper in the “International

Journal of Offshore and Polar Engineering.” A part of this work has been also

published in the “Proceedings of 24th International Ocean and Polar Engineering

Conference,” Busan, Korea, 2014 (Appendix A).
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• Chapter 4 presents the work on laterally loaded large-diameter monopiles for different

load eccentricities in dense sand. This chapter has been submitted for publication

in an international journal. Also, a part of this work has been published in the

“Proceedings of the 34th International Conference on Ocean, Offshore and Arctic

Engineering”-OMAE2015 (Appendix B).

• Chapter 5 summarizes the outcomes of the present study and presents some

recommendations for future studies.

1.5 Contributions

The following technical publications are the outcome of this research work:

(i) Ahmed, SS, and Hawlader, BC (2015). Numerical Analysis of Inclined Uplift

Capacity of Suction Caisson in Sand. International Journal of Offshore and Polar

Engineering, Vol. 25, no. 2, pp. 145−155.

(ii) Ahmed, SS, and Hawlader, BC (2015). Numerical Analysis of Large Diameter

Monopiles in Dense Sand Supporting Offshore Wind Turbines. Submitted for

publication in an international journal, Under review.

(iii) Ahmed, SS, and Hawlader, BC (2014). Finite Element Modeling of Inclined Load

Capacity of Suction Caisson in Sand with Abaqus/Explicit. Proc. of the 24th

International Ocean and Polar Engineering Conference, Busan, Korea, June 15−20,

pp. 463−469.
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(iv) Ahmed, SS, Hawlader, BC, and Roy, KS (2014). Finite Element Modeling of Large

Diameter Monopiles in Dense Sand for Offshore Wind Turbine Foundations. Proc. of

the ASME 34th International Conference on Ocean, Offshore and Arctic Engineering,

St. John's, Newfoundland, Canada, May 31−June 5, OMAE2015−42218.
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Chapter 2

Literature Review

2.1 Introduction

The use of pile foundations has been in practice for many years where shallow foundations

are impractical. Pile foundations have been in use under various loading conditions in both

onshore and offshore structures. In recent years, the world has seen significant expansion

of using large-diameter piles in offshore. Large-diameter piles can be used in different

forms such as suction caisson and monopile and can be installed in both sand and clay. The

length-to-diameter ratio of such piles are generally small compared to other conventional

pile foundations. The general shape of large-diameter offshore piles is circular and they

are usually open-ended. These piles are typically made of steel and behave as rigid body.

The capacity of a large-diameter pile depends on several factors such as loading conditions,

type of soil it is installed and the rigidity of the pile. The soil−pile interaction behavior of

large-diameter pile has attained great attention in the last few decades.

Limited number of research works have been devoted to understand the behavior of

large-diameter piles under different loading conditions in both sand and clay. The current

research work emphasizes on the behavior of suction caissons and large-diameter monopiles

in dense sand under oblique pullout loading and lateral loading, respectively. In this chapter,
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the research works available on suction caissons and large-diameter monopiles in sand are

presented.

2.2 Suction Caisson: An Overview

A suction caisson is a large-diameter hollow cylinder, usually made of steel having top

end closed and bottom end open. Suction caissons are also known as suction pile, suction

bucket, suction anchor, suction can etc. The length-to-diameter ratio of a suction caisson

is much smaller than that of a conventional pile foundation, typically less than 10. Wall

thickness-to-diameter ratio is also smaller, generally in the range of 0.3% − 0.6%. In

long caissons, stiffeners are often added along the internal perimeter (ring stiffeners) or

longitudinally to prevent them from buckling during installation. A schematic of typical

suction caissons is shown in Fig. 2.1.

The use of suction caisson is gaining popularity over traditional offshore foundation systems

because of its inherent advantages such as: fast installation, elimination of pile driving

process, reduction in material costs and reusability. Suction caissons are now widely being

used for mooring offshore structures such as Tension Leg Platform (TLP) and Floating

Production, Storage and Offloading (FPSO) vessels (Fig. 2.2). According to Sparrevik

(2002), there are as many as 300 suction caissons in operation around the world. Later,

Andersen et al. (2005) reported that, there have been nearly 500 suction caissons installed

in more than 50 locations around the world. Major projects using suction caissons around

the world are listed in Table 2.1.
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Figure 2.1: Schematic of a typical suction caisson

(a) Taut mooring & catenary mooring for
FPSO

(b) Foundations for TLP

Figure 2.2: Use of suction caisson (redrawn after Maniar, 2004)

The pullout capacity is one of the main requirements when a suction caisson is used in

mooring systems for deep water oil and gas development projects. The caisson is normally

pulled by a chain connected to the pad eye on the side of the pile (Fig. 2.1). The inclined

pullout capacity of a suction caisson depends on both horizontal and vertical load capacity.
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Table 2.1: Major field applications of suction caissons (modified from Tran, 2005)

Year Name Size, D×L
(m×m)

Purpose Water
depth, (m)

Soil
type

References

1958 Sampler1 0.45× 1.2 Anchoring 20− 80 C Mackereth (1958)
1972 Sounding

tool2
3 Anchoring > 20 S North Sea Report (1972)

1980 Gorm2 3.5× 8.5− 9 Anchoring 40 L Senpere and Auvergne
(1982)

1989 Gullfaks C2 28× 22 Foundation 218 L Tjelta et al. (1990)
1991 Snorre 17× 12 Anchoring 330 C Fines et al. (1991);

Stove et al. (1992)
1994 Draupner E2 12× 6 Foundation 70 S Tjelta (1995)
1995 Nkossa3 4.5− 5×12 Mooring 200 C Colliat et al. (1995);

Colliat et al. (1996)
1995 Harding2 5× 8− 10 Mooring 110 L Sparrevik (1998)
1995 YME2 5× 7 Mooring 100 S Sparrevik (1998)
1996 Norne2 5× 10 Mooring 350 C Sparrevik (1998)
1996 Sleipner T2 14× 5 Foundation − S Lacasse (1999)
1997 Njord2 5× 9− 10 Mooring 330 C Solhjell et al. (1998)
1997 Curlew2 5− 7× 10− 13 Mooring 90 L Alhayari (1998)
1997 Aquila4 4.5− 5× 16 Mooring 850 C Alhayari (1998)
1997 Visund2 5× 11 Mooring 335 C Solhjell et al. (1998)
1997 Lufeng5 5× 10 Mooring 30 C Sparrevik (1998);

Andersen et al. (2005)
1997 Marlim

P19-P266
4.8× 13.5 Mooring 720− 1050 C Mello et al. (1998)

1998 Laminaria7 5.5× 13 Mooring 400 C Erbrich and Hefer
(2002)

1998 Marlim
P33-P356

4.7× 17 Mooring 780− 850 C Barusco (1999)

1998 Aasgard A2 5× 11 Mooring 350 C Haland (2002)
1999 Kuito3 3.5× 11− 14 Mooring 400 C Tjelta (2001); Andersen

et al. (2005)
1999 Aasgard B &

C2
5× 10− 12 Mooring 350 C Haland (2002);

Andersen et al. (2005)
1999 North Nemba

Flare3
5× 5.5 Foundation 115 C Kolk et al. (2001)

2000 Misaki8 18× 5 Foundation 25 L Masui et al. (2001)
2001 Hanze2 6.5× 6.2 Mooring 42 L Sparrevik (2002)
2001 Girassol3 4.5−8×10−20 Mooring 1400 C Colliat and Dendani

(2002)
2002 Horn

Mountain10
6× 30− 32 Anchoring 1800 C Audibert et al. (2003)

2002 Na Kita10 4.3× 24 Mooring 1920 C Newlin (2003)
2003 Barracuda &

Caratinga6
5× 16.5 Mooring 825− 1030 C Hesar (2003); Andersen

et al. (2005)
2003 Bonga3 5× 16− 17.5 Mooring 980 C Andersen et al. (2005)
2004 Thunder

Horse10
5.5× 27.5 Mooring 1830 C Andersen et al. (2005)

1UK lakes 2North Sea 3West Africa 4AdriaticSea 5South China Sea
6Brazil 7Timor Sea 8Japan 9Irish Sea 10Gulf of Mexico
CClay SSand LLayered
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2.2.1 Research on Suction Caisson

Efficient and economic design of suction caisson for offshore application requires good

understanding of various aspects related to installation issues and holding capacity of

caisson. Many researchers devoted themselves in acquiring the essential knowledge for

the better design of suction caisson in both sand and clay. The following sections will go

through the notable research works associated with the development and design of suction

caisson.

2.2.1.1 Field Trials

Although, conducting full-scale field tests is expensive and time consuming, extensive field

tests have been carried out by several researchers to evaluate the installation characteristics

and holding capacity of suction caissons in both sand and clay, as useful geotechnical

information relevant to the more efficient design of future caissons can be obtained. During

the tests, a number of information related to suction caisson installation and performance

under various loading conditions has been documented. Some of the notable field tests are

discussed in the following parts of this section.

The first full-scale field test on suction caisson has been reported by Hogervorst (1980),

who performed full-scale suction caisson trials after obtaining promising results from initial

field trials on smaller suction piles. The suction caissons used in the field trials were 3.8

m in diameter having length ranging from 5 to 10 m. The field tests were conducted
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at a number of inshore locations in the Netherlands with sandy soils, with layered soils

and with overconsolidated clay. The purposes of the tests were to study the installation

characteristics of the caissons and evaluate the holding capacity under axial and lateral

loading. The successful completion of the field trials proved the potential applicability of

the suction caissons to be used as mooring system for floating production facilities and also

demonstrated the viability of installing the caissons by the application of suction.

A series of field trial program was carried out by the joint venture of NGI/Fugro McClelland

for the determination of design parameters related to Draupner E (previously Europipe

16/11E) riser platform in North Sea (Tjelta, 1994). The caisson used in the test program

had a diameter of 1.5 m and length of 1.7 m. The test program consisted of penetration

by weight and suction, rapid loading tests, long-term loading tests, cyclic loading tests and

permeability tests. The effective completion of the test program had led to the successful

installation of Draupner E (previously Europipe 16/11E) platform (Tjelta, 1995) and later

Sleipner T platform (Lacasse, 1999) in dense sand using suction caisson foundation.

Cho et al. (2002) described a number of field tests on steel suction caissons having

inside diameters ranging from 0.5 to 2.5 m and length of 5 m, conducted by the Daewoo

Engineering & Construction Co. Ltd. The test site soil condition was predominantly silty

sand and the tests were performed at water depth of about 10 m. The objectives of the

field tests were to provide data for further validation of the mobilized friction angle concept

(Bang et al., 2000) and to develop a suitable suction caisson installation technology in field.
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Table 2.2: Large scale field tests on suction caissons installed in clay

Year Location Size, D×L
(m×m)

Tests undertaken References

1990 Lysaker,
Oslo

0.7× 1.5
(2 cells)

Effects of attachment of anchor on pullout
resistance and mechanism; Impact of load cycling

Keaveny et al.
(1994)

1999 Tokyo
Bay

0.8× 1 Effects of loading angle and loading rate on
pullout capacities

Maeno et al.
(2002)

2003 China 0.5× 0.5 Horizontal ultimate bearing capacity Liu et al. (2004)

Bang and Karnoski (2007) described the installation and retrieval of three steel suction

caissons in sand having diameter of 1.5 m and length of 2.3 m. All the caissons were

installed off the coast of Port Heuneme, California at water depth of 12.5 m as part of the

cable burial study program of US Navy, where the caissons were used as cable anchoring

devices. The caissons, as well as the cable, were removed after three years of field trials on

the cable. The feasibility and cost-effectiveness of successful retrieval of suction caisson

by using the same equipment for installation was established. Also, the effect of soil

cementation and probable caisson material corrosion by aging on the caisson−soil interface

friction behavior was recognized.

Field tests on suction caisson are also available in clay, which are not discussed in detail

and are summarized in Table 2.2, as this study focuses on simulating the suction caisson

behavior in sand.
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2.2.1.2 Laboratory Model Tests

A large number of small-scale laboratory tests on model suction caissons were performed

by several researchers to investigate various aspects of suction caisson performance under

different loading conditions in both sand and clay. The laboratory tests performed by the

researchers can be split into two categories: tests on vacuum anchors, and tests on suction

anchors.

Tests on Vacuum Anchors

The vacuum anchors are shallow surface foundations generally used for providing

temporary anchorage and require pumping the water out during their application to generate

required capacity (Wang et al., 1975). Some significant tests on vacuum anchors in sand

are presented in the following paragraphs.

Goodman et al. (1961) conducted laboratory model tests on vacuum anchors to determine

the feasibility of anchoring mobile military field equipment. Different types of soils

ranging from sand of medium fineness to highly plastic clay were used for the testing.

The dimensions (D × L) of the used anchors in the tests were 79 × 99 mm and 89 × 188

mm. They demonstrated that the use of vacuum anchors in different soils is feasible for

anchoring floating equipment; however, their response in clay is better than that in sand.

A series of laboratory tests on vacuum anchors were performed by Brown and Nacci (1971)

in both loose sand and dense sand to study their behavior and water flow characteristics.
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The test anchor was 254 mm in diameter and 44 mm in embedded length. A total of 29

tests were conducted of which 14 tests were carried out in loose sand and other 15 were

done in dense sand. The test results illustrated the effectiveness of vacuum anchors for

providing short-term anchorage in sand and revealed their high holding capacity to anchor

weight ratio along with reusability and reversibility. A linear relationship between pullout

capacity and applied suction was also noted. Based on the test results, in conjunction with

observed behavior and failure mechanisms, a theory was proposed to predict the pullout

capacity of such anchors.

Wang et al. (1975) conducted laboratory tests on eight model anchors installed in medium

fine sand, silt and clay to investigate the feasibility and efficiency of the vacuum anchors.

The anchors used in the test program had inside diameters of 114 mm, 140 mm, 200 mm and

337 mm with length to diameter ratios (L/D) of 0.1 and 0.5. The performance of anchors

were found to be dependent on anchor geometry (skirt length and diameter), soil properties

(internal friction angle and cohesion), and suction. Also, a linear increase in pullout capacity

with increasing suction was observed for a given dimension, corroborating the earlier

findings by Brown and Nacci (1971). Subsequently, Wang et al. (1977) developed equations

to estimate the pullout capacity of vacuum anchors based on observed failure mechanisms

and adopting the Mohr-Coulomb failure criteria. Also, sample design examples were

presented by Wang et al. (1978) to demonstrate the practical applications of the anchors.

A series of 12 laboratory tests on vacuum anchors installed in sand having diameter of 400
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mm and length of 250 mm were conducted by Helfrich et al. (1976). The purpose of the

test program was to study the laboratory pullout characteristics and the failure mode of the

test anchor in sand and the dependence of anchor performance on the flow rate of water

through the anchor chamber. As before, a linear relationship between pullout capacity and

applied suction was observed and predictions based on the Mohr-Coulomb failure criteria

matched well (within 13%) with measured pullout capacities.

Tests on Suction Anchors

Larsen (1989) performed 15 laboratory tests on model suction caissons having diameters of

100, 200 and 300mm and a length of 450mm installed in both sand and clay. The purpose of

the test program was to study the mechanical behavior of soil and caisson during installation

and to evaluate the horizontal pullout capacity under static and cyclic loads. From the test

results, it was found that, the penetration resistance primarily depends on the friction outside

the caisson during down-suction. Also, the ultimate pullout capacities were identical under

static and cyclic loads for the caissons installed in sand. However, for the caissons installed

in clay, ultimate pullout capacity under cyclic load was found to be reduced to 1/2 to 2/3

of the measured capacity under static load.

Steensen-Bach (1992) conducted a total of 77 tests on suction caissons with

embedment/diameter ratios of 1.67, 2.0 and 3.33 having diameters of 48, 65 and 80 mm

installed in both sand and clay. The objective of the tests was to investigate the contribution

of suction generated during pullout to the capacity and to attain additional test data to
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improve design procedures.

Villalobos et al. (2009) performed a number of laboratory tests on model suction caissons

in loose sand having the dimensions (D×L) of 293× 146.5 mm and 203.5× 203.5 mm to

evaluate the drained capacity under monotonic loading. The test results were successfully

interpreted within the framework of work hardening plasticity, and expressions for yield

surface and post-yield behavior of caisson were deduced. One of the key observations of

the test results was the capability of suction caisson to sustain moments and horizontal loads

even under tensile loads.

A series of laboratory tests were performed by Gao et al. (2013) to investigate the effects of

aspect ratio, load inclination angle and loading position on inclined loading pullout behavior

of model suction caissons in sand. The model caissons used in the study were 101 mm in

diameter with lengths of 202, 404 and 606 mm. With smaller load inclination angle, the

maximum pullout capacity was located for the loading position between 2/3 and 3/4 of

caisson length from top. However, at large load inclination angle, the effects of loading

position on pullout capacity was found insignificant. Also, pullout capacity of caisson for

higher aspect ratios was found greater, although, deformation characteristics were observed

to be independent of aspect ratio.

A number of Laboratory tests on model suction caissons in clay are also available in

literature. Cauble (1996) reported 14 laboratory tests on a model suction caisson installed

in K0-normally consolidated clay samples to simulate installation of caisson by suction
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and pushing, and to investigate the caisson behavior under sustained tensile pullout. Datta

and Kumar (1996) carried out 18 laboratory tests on suction caissons installed in soft clayey

soils to evaluate suction force generated under the caisson during pullout. El-Gharbawy and

Olson (1998) conducted a series of static as well as cyclic loading tests on suction caisson

models to study their behavior and pullout capacity in clay. Li and Wang (2013) performed

laboratory model tests on suction caissons in soft clay to investigate the effects of frictional

factor, aspect ratio and loading directions on the failure mode and ultimate bearing capacity.

2.2.1.3 Centrifuge Tests

Geotechnical centrifuge tests on model suction caissons at different acceleration levels

were conducted by a number of researchers to simulate the behavior of suction caisson

at field scale. Although, higher cost than small-scale model tests and several limitations are

involved in performing centrifuge tests, a lot of valuable information related to the design

of suction caisson can be obtained from these tests. A review of selected centrifuge tests

on suction caissons in sand are discussed in the following paragraphs.

Allersma et al. (2000) performed a series of centrifuge tests to investigate the effects of

aspect ratio (L/D), loading position and load inclination angle on the static horizontal

bearing capacity of suction caissons installed in sand and clay. All the tests were performed

at 150g acceleration. The test results were compared with the API recommendations and 3D

finite element (FE) calculations conducted by Plaxis. The bearing capacities calculated by

API method were found to be somewhat conservative compared to the test results, whereas,
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FE calculations were in good agreement with the test results. The optimum bearing capacity

was obtained at loading position of 2/5 of the caisson height from bottom and bearing

capacity was observed to increase with decreasing load inclination angle. However, a larger

resistance during installation for lower loading positions was noted. The bearing capacity

was also seen to increase with increasing soil density. Furthermore, a linear relationship

between pile length and bearing capacity was noticed. Based on the study, the authors

suggested the use of both centrifuge tests and FE analysis as a good basis for the design of

suction caissons.

Tran and Randolph (2008) performed a series of centrifuge tests at 100g acceleration to

investigate the variation of suction pressure during the installation of suction caisson in

dense sand. The tests were conducted for caissons of different size and surcharge. The

suction pressure was observed to increase linearly with embedment depth following a

distinct pressure slope (critical hydraulic gradient). The total driving force required to

install the caisson by suction pressure was found significantly less than the force required

during installation by jacking. The use of a larger surcharge during installation decreased the

required suction pressure for a given penetration depth. The overall behavior and pressure

variation with depth were similar for caissons of different sizes.

A total of 80 centrifuge tests were conducted by Kim et al. (2009) on suction caissons in sand

to evaluate the horizontal, vertical and inclined loading capacities and the effects of load

inclination angle and loading point on them. The pullout capacity was found to increase
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with the loading point moving downward and reached the maximum at loading point

between 70−75% of height from top with small inclination angle. Also, the maximum and

minimum loading capacities were obtained when the applied loading was purely horizontal

and vertical, respectively for a given loading point.

Bang et al. (2011) reported a series of centrifuge tests on model suction caissons embedded

in sand to evaluate the inclined pullout capacity. An analytical solution method was also

proposed. The key variables of the study were load inclination angle and mooring position.

For relatively small load inclination angles (0◦ and 22.5◦) the pullout capacity was found

to increase with the mooring position shifting toward the caisson bottom and the maximum

pullout capacity was located at approximately 70 − 75% of the caisson length from the

top. On the other hand, for higher load inclination angle (45◦ and higher) the pullout

capacity was observed to increase with the mooring position moving downward the caisson

bottom and the maximum was reached when the mooring position was near the tip of the

caisson. Comparisons between the test results and proposed analytical solution proved the

competence of the analytical solution method.

Jang and Kim (2013) performed a series of centrifugal tests to estimate the maximum

horizontal pullout capacity of suction caisson installed in sand for mooring position located

at 75% of caisson depth from top by varying the aspect ratio (L/D). The horizontal pullout

capacity of suction caisson was found to be directly proportional to the aspect ratio of the

caisson for the range between 1 and 3.
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Table 2.3: Centrifuge tests on suction caissons installed in clay

References Remarks

Randolph et al. (1998) Investigation on rapid reduction of capacity for any loss of suction and the extent
of loss of suction; The response under monotonic and cyclic loading

Watson et al. (2000) Installation resistance; Behavior of caisson under combined vertical, horizontal
and moment loading

Cao et al. (2001), Cao
et al. (2002a)

Investigation on self-weight and suction induced penetration

Lee et al. (2003) Evaluation of horizontal and inclined loading capacities and the effects of
loading point along with loading direction on them

Centrifuge tests have also been carried out by some researchers on anchor piles (having

larger L/D ratio) in sand. For instance, Ramadan et al. (2013a) performed a series of

centrifuge tests to study the behavior of offshore anchor piles under mooring forces in

saturated dense sand and proposed modified equations to plot p− y curves.

A large number of centrifuge tests were also performed for the suction caissons installed in

clay which are summarized in Table 2.3.

2.2.1.4 Finite Element (FE) Analysis

With the rapid improvement of computing power in last few decades, the finite element

(FE) techniques have enjoyed significant improvement. A large number of FE software has

been developed with which numerical simulations can be performed with greater accuracy

and reliability. The easiness along with low cost of FE simulations compared to large scale

field tests and centrifuge tests have attracted several researchers to perform FE analyses

of suction caissons installed in both sand and clay. Different plasticity models have been

adopted to simulate the nonlinear stress−strain behavior of soil. A review of numerical
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analyses conducted in sand are presented here.

Erbrich (1994) conducted a series of finite element analysis using the Abaqus FE software

to estimate the capacity of suction caisson foundations of fixed offshore platforms.

The simulation of nonlinear behavior of dense sand was attained by implementing the

Drucker-Prager and the Drucker-Prager with cap plasticity models. A good agreement

between the FE predictions and the results of model tests performed by Wang et al.

(1978) proved the applicability of FE analysis to estimate the capacity of suction caisson

foundations.

Bang and Cho (1999) carried out an analytical feasibility study using three-dimensional FE

analyses to evaluate the effects of various cross section shapes on the overall performance of

suction caissons to be used for providing required mooring capacities for very large Mobile

Offshore (military) bases. The 3D analyses were performed by Abaqus FE software to

evaluate the vertical, horizontal and inclined load capacities of suction caissons having

circular, Y−shaped and triangular cross-sections installed in sand. The Drucker-Prager

plasticity model was adopted to model the nonlinear behavior of sand.

Deng and Carter (2000) performed 3D finite element analyses of suction caissons in sand to

investigate the effects of aspect ratio, mooring position, load inclination angle, and friction

angle, dilatancy and initial stress state of soil. The finite element software package AFENA

in conjunction with the Mohr-Coulomb model was used in the analyses. On the basis of the

analyses, simplified expressions were developed to estimate the pullout capacity of suction
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caisson taking into account the influence of aspect ratio, mooring position, loading angle,

and shear strength parameters and dilatancy of soil.

Iftekharuzzaman and Hawlader (2012) conducted 3D finite element analyses using Abaqus

FE software to evaluate the inclined loading pullout capacity of suction caissons in sand.

The Mohr-Coulomb model was adopted to simulate the soil behavior. The key variables

investigated were mooring position and load inclination angle. The analyses results were

found in good agreement with the centrifuge test results reported by Bang et al. (2011).

Ramadan et al. (2013b) performed 3D finite element analyses to study the soil−pile

interaction behavior under mooring forces using Abaqus FE software. The Mohr-Coulomb

model was used to model the soil, and was calibrated based on the centrifuge tests of

Ramadan (2011). Some equations were proposed to estimate the ultimate capacity of pile

for different loading angles.

Achmus et al. (2013) carried out 3D numerical analyses to evaluate the loading capacity of

suction caisson in sand using Abaqus FE software. The Mohr-Coulomb failure criteria in

conjunction with stress dependent modulus of elasticity were used to simulate the nonlinear

response of soil accurately. The effects of caisson size and load eccentricity on bearing

capacity and initial stiffness were investigated. Normalized equations to calculate the

ultimate capacity and initial stiffness were derived from numerical analyses results.

A number of FE analyses on suction caissons installed in clay also have been conducted

to investigate the effects of various aspects on the load bearing capacity and deformation
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characteristics of soil around the caisson. A summary of selected numerical analyses

performed in clay are presented in Table 2.4.

Table 2.4: Summary of finite element analyses of suction caissons in clay

References FE
software

Soil
constitutive
model

Type
of
model

Remarks

Zdravkovic et
al. (1998)

FSAFEM,
ICFEP

Modified
Cam Clay

3D The effects of aspect ratio (L/D), load
inclination angle and soil-structure adhesion
on pullout capacity were investigated

Sukumaran and
McCarron
(1999);
Sukumaran et
al. (1999)

ABAQUS Von Mises
Yield
Criterion

2D; 3D The effects of load inclination angle, loading
point, and aspect ratio on caisson response
were investigated

Handayanu et
al. (1999);
Handayanu et
al. (2000)

ABAQUS Cam Clay 3D The response of suction caissons subjected to
vertical uplift and inclined loads were studied
and compared with model test results

Cao et al.
(2002b); Cao et
al. (2003)

ABAQUS Modified
Cam Clay

2D Simulation of passive suction and evaluation
of axial pullout capacity were performed;
Test results were compared with centrifuge
test results (Cao et al., 2001); (Cao et al.,
2002a)

Supachawarote
et al. (2004)

ABAQUS Von Mises
Yield
Criterion

3D The effects of load inclination angle, loading
point, aspect ratio, and shaft friction on
inclined loading capacity of suction caisson
were examined
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2.3 Large Diameter Monopiles as Offshore Wind Turbine Foundation

System: An Overview

A monopile is a large diameter hollow steel pile driven in soil having an aspect ratio or

slenderness ratio (L/D) of less than 8 and diameters ranging between 3 to 6 m and are

considered to behave as rigid. Monopiles are generally installed at shallow water depths

not exceeding 35 m. These piles are the most popular foundation option for offshore wind

turbines. The schematic of a typical monopile foundation supporting offshore wind turbine

is shown in Fig. 2.3. According to European Offshore Statistics 2013 (EWEA, 2014),

monopiles were most common (75%) along with other substructures.

Figure 2.3: Schematic of a monopile supporting offshore wind turbine (redrawn after
Malhotra, 2011)
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2.3.1 Capacity of Laterally Loaded Rigid Piles

According to Fan and Long (2005), analysis methods for laterally loaded single piles can

be subdivided into four categories:

• Limit State Method and Elasticity Method;

• Finite Element (FE) Method;

• Subgrade Reaction Method; and

• p− y Curve Method.

In the current design practice of monopiles for supporting offshore wind turbines, the API

and DNV method are used. These design standards are based on p− y curve method.

2.3.1.1 p−y Curve Method for Sand

The p−y curve method is a special subgrade reaction method in which a nonlinear relation

is established between lateral resistance of soil (p) and the lateral displacement (y) of pile.

The soil resistance is modelled using nonlinear springs. The applied lateral force (F ) is

related to the lateral displacement of pile (y) by p− y curves. These curves depend on soil

type, depth and loading type. At greater depth soil reacts stiffer, and a stiffer soil response

leads to a steeper curve. The lateral load (F ) is based on the spring stiffness of the soil (k)

at the corresponding depth and the deflection (y):

F (z) = k(z)y(z) (2.1)
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The original p−y curve method for piles in cohesionless soil was derived from field tests on

Mustang Island (USA) (Cox et al., 1974; Reese et al., 1974). These field tests consisted of

2 static and 5 cyclic load tests applied to two 0.61 m diameter (D) piles with wall thickness

(t) of 95 mm, length (L) of 21 m and anL/D ratio of 34.4. The wall thickness over diameter

t/D ratio equated to about 64.

The p − y curves by Reese et al. (1974) are semi-empirical and consist of four segments

(Fig. 2.4):

(i) The initial linear portion of the curve, which is dependent on the initial stiffness (E0)

and E0 increases linearly with depth (z) as E0 = kz;

(ii) Parabolic segment between the initial linear portion and lateral displacement (y) of

D/60;

(iii) Linear segment between lateral displacements of D/60 and 3D/80; and

(iv) Constant soil resistance segment after lateral displacement of 3D/80.

Here, D is the diameter of the pile.

The original p− y curves for sand consisting of four sections were replaced with a constant

hyperbolic function formulated by Murchison and O'Neill (1984). The following hyperbolic

function is accepted and recommended by several design standards (e.g., API, 2007; DNV,

2011):

p = Apu tanh
(
kz

Apu
y

)
(2.2)
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Figure 2.4: p− y curves generated by the Reese et al. (1974) approach

Where, A is a factor to account for cyclic or static condition. For static loading, the value

of A depends upon depth and diameter of the pile as in Eq. 2.3, while for cyclic loading,

A = 0.9 is recommended (API, 2000).

A =
(
3− 0.8

z

D

)
≤ 0.9 (2.3)

The ultimate soil resistance (pu) can be obtained by Eq. 2.4

pu = min (pus, pud) (2.4)

pus = (C1z + C2D) γ′z (2.5)

pud = C3Dγ
′z (2.6)

Where, C1, C2 andC3 are empirical coefficients based on internal friction angle (ϕ′) of soil.
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2.3.1.2 Limitations of p − y Curve Method for Large-Diameter Pile

The current design standards for large diameter offshore piles (e.g., API, 2007; DNV, 2011)

are based on p−y curve method. The p−y curve method is known to have several limitations

while designing large diameter piles. Doherty and Gavin (2012) highlighted the following

points while discussing the limitations of p− y curve method:

• Mode of failure;

• Effect of diameter;

• Horizontal earth pressure coefficient;

• Impact of pile properties; and

• Cyclic loading considerations

The p − y curves were developed based on field tests on slender, flexible piles; whereas,

the monopile foundation for offshore wind turbines behaves in rigid manner (LeBlanc et

al., 2010). In addition to the formation of a soil passive wedge in front of the pile above the

point of rotation, the soil will also mobilize a passive wedge below the point of rotation,

which is not considered in the current methodology.

The effect of diameter on initial stiffness was investigated by Ashford and Juirnarongrit

(2003) and Juirnarongrit and Ashford (2005) by FE analysis, who concluded that, there is no

effect from the diameter on the initial stiffness of the pile−soil interaction curves. Fan and

Long (2005) also performed FE analysis and confirmed the same observation. However,

numerical modeling by Lesny and Wiemann (2006) and Sørensen et al. (2009) suggests an
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effect of changing the diameter on the initial stiffness of the pile−soil interaction curves.

The horizontal earth pressure coefficient at rest (K0) is considered to be independent of the

soil state. The impact of varying K0 value was investigated by Fan and Long (2005), who

conducted FE analysis on laterally loaded monopile and concluded that, an increase in (K0)

resulted in a significant increase in the ultimate soil resistance.

The effects of variations of bending stiffness (EI) of the pile was investigated by Ashour

and Norris (2000) and Fan and Long (2005). Ashour and Norris (2000) used the strain

wedge method and found the stiffness and ultimate resistance increased dramatically as the

EI of the pile increased. In contrast, Fan and Long (2005) reported no significant influence

of EI of the pile on the p− y curve.

LeBlanc et al. (2010) examined the effects of cyclic loading on p− y curves by laboratory

model tests. The pile stiffness was always found to increase with cyclic loading and the

increase was independent of relative density. The finding of LeBlanc et al. (2010) is

contradictory with the current methodology of degrading static p − y curves to account

for cyclic loading.

2.3.2 Research on Large Diameter Monopiles

A brief summary of the notable research works on laterally loaded large diameter monopiles

installed in sand are presented in the following sections.
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2.3.2.1 Field Trials on Laterally Loaded Rigid Piles

A large number of field trials were carried out by several researchers to assess various

information related to the design of laterally loaded piles in both sand and clay. Most of the

available field tests were conducted on long, flexible piles. Only a few number of large-scale

field trials on laterally loaded rigid piles are available in literature.

Hald et al. (2009) presented the results of full-scale load measurement of a monopile

installed in sand in the Horns Rev Offshore Wind Farm. The instrumented monopile had

an outside diameter of 4 m with embedment length of 21.9 m and the water depth was 9.9

m relative to mean sea level. The purpose of the field measurement was to collect and

process load response and timely concurring environmental (wind, wave and current) data

and to apply those data for verifying and developing design methodologies for offshore

wind farms. The load response below the mudline had been evaluated and the measured

pile response was found different from the predicted response according to traditional p−y

curves, particularly in the top of the pile. Stiffer soil response from the field test than that

predicted by the p− y curves was observed from the measured moment distribution along

the pile. The measured response was reported to be 30 − 50% smaller than the response

predicted by the p− y curves developed from the soil data.

Doherty et al. (2012) reported the results of a field test performed on an instrumented

monopile installed at a dense sand research site in Blessington, Ireland. The test monopile

was 0.34 m in outer diameter with an embedment length of 2.2 m resulting in an aspect
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ratio (L/D) of 6.5. The test pile was instrumented with 11 levels of strain gauges to

capture the load transfer and bending moments along the shaft. The lateral capacity of

the monopile observed from the field test was compared to that obtained by conventional

design procedures (e.g., DNV, 2007; API, 2010). The authors concluded that, conventional

design procedures grossly underestimate the lateral capacity of the monopile.

Full-scale field trials of laterally loaded rigid piles installed in clay are also available in

literature. For example, Baguelin et al. (1972) conducted field tests on a steel pile 950

mm×950 mm and 4.4 m deep, jacked into saturated clay and load was applied at 2 m above

ground level. Briaud et al. (1983) performed field tests on a reinforced concrete bored pile

in clay having diameter of 920 mm and length of 6 m which was subjected to a lateral load

applied at 740 mm above ground level.

2.3.2.2 Laboratory Model Tests

LeBlanc et al. (2010) performed a series of laboratory tests on a laterally loaded model

monopile installed in sand having 80 mm diameter and 360 mm penetration depth with a

load eccentricity of 430 mm. Both static and cyclic loading tests were performed. The

test results showed the increase in pile stiffness with the increase in number of cycles and

was found to be independent of relative density. The observation contrasts with the current

methodology of degrading static p− y curves to account for cyclic loading.

Uncuoǧlu and Laman (2011) conducted a series of model tests on a laterally loaded short

rigid pile in a two-layer sand soil profile. The model pile was 50 mm in diameter and
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200 mm in length and the load was applied at a height of 300 mm. Also, the effects

of the elasticity modulus, dilatancy and interface behavior of the sand was investigated

numerically by performing a series of three-dimensional non-linear finite element analyses.

The lateral load capacities in the layered sand conditions was calculated using the methods

proposed by Brinch Hansen (1961) and Meyerhof et al. (1981). The results obtained from

experimental studies, numerical analyses and a conventional method were compared with

each other. The results proved that the parameters investigated had a considerable effect on

the behavior of short rigid piles subjected to lateral loads. It was also shown that the value of

the ultimate lateral load capacity could vary significantly depending on the methods used.

Roesen et al. (2012) carried out lateral cyclic loading test on an open-ended aluminum pile

with a diameter of 100 mm and a length of 600 mm embedded in saturated dense sand. The

influence of the number of load cycles on the accumulated rotation, under cyclic loading

with constant frequency, load amplitude and mean load level was investigated. One-third of

the total accumulated rotation was observed to be obtained within the first ten cycles. Also,

after a certain number of load cycles, further accumulation of rotation was not observed.

Nicolai and Ibsen (2014) performed two series of tests on a stiff open-ended aluminum pile

in sand with a diameter of 100mm, an embedded length of 500mm and a thickness of 5mm.

The first series of tests was carried out to test the validity and applicability of the approach

presented by LeBlanc et al. (2010) with sands of different relative densities. The cyclic

loading effects on the resistance of the pile was investigated in the second series of tests.
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Both the resistance and the stiffness of the pile were found to increase after cyclic loading,

in contrast with the current design codes that suggest a degradation of the pile resistance

due to cyclic loading.

A number of laboratory model tests on laterally loaded rigid piles in clay are also reported

in literature. For example, Meyerhof and Sastry (1985) carried out model tests on a fully

instrumented rigid model pile jacked into homogeneous sand and clay, where the pile was

subjected to vertical eccentric loads and to central inclined loads. Lombardi et al. (2013)

conducted a series of laboratory tests to study the long term behavior a monopile in kaolin

clay which was subjected to between 32, 000 and 172, 000 cycles of horizontal loading.

2.3.2.3 Centrifuge Tests

Klinkvort and Hededal (2011) performed a total number of six static and five cyclic

centrifuge tests on a laterally loaded monopile in dry sand. The prototype dimension of

the piles was modelled to a diameter of 1 m and penetration depth on 6 m with acceleration

levels ranging between 25g and 62.5g. The purpose of the test series was to investigate

the scaling laws in the centrifuge both for monotonic and cyclic loading. Higher capacity

for the small piles tested at high g levels was observed; a similar findings by Nunez et al.

(1988).

Kirkwood and Haigh (2013) conducted a series of centrifuge tests on a monopile installed

in sand to investigate the effects of cyclic lateral loading. The prototype monopile was

4.5 m in diameter and the embedment length was 20 m. The acceleration level used was
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100g. The prototype load eccentricity used in the tests was 30 m. The greatest pile head

displacements were observed for a cyclic loading ratio of −0.37.

Klinkvort et al. (2013) performed a series of centrifuge model tests on cylindrical stiff model

monopiles that were installed at 1g and in-flight before being loaded laterally in normally

consolidated dense dry sand, simulating drained conditions. The tests were carried out on

solid steel piles at a stress distribution identical to a prototype diameter (D) of 1 m in dry

sand. The penetration depth L and load eccentricity (e) were kept constant at 6D and 15D,

respectively for all the tests. The test series showed that the ratio of pile diameter to average

grain size for centrifuge modeling of monopiles, the non-linear stress distribution and the

installation process are key modeling parameters. It is possible to scale centrifuge results

of rigid monopiles to prototype scale with due consideration of these effects.

Klinkvort and Hededal (2013) carried out five monotonic and twelve cyclic centrifuge

tests on a laterally loaded monopile in dense sand. The prototype diameter (D) of the

pile was between 1 m and 3 m with acceleration level ranging between 15.5g and 75g.

The penetration depth (L) and load eccentricity (e) were kept constant at 6D and 15D,

respectively, for all the tests. The tests were designed so that the cyclic loading of

the pile was performed with a magnitude of a maximum of 36% of the ultimate static

lateral capacity. The accumulation of displacement was found to increase with increasing

magnitude of cyclic loading. Also, higher initial stiffness due to cyclic loading was observed

than the monotonic stiffness.
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Klinkvort and Hededal (2014) conducted a series of monotonic centrifuge tests on model

monopiles subjected to stress distributions equal to prototype monopiles with pile diameters

(D) ranging from 1 m to 5 m and load eccentricities ranging from 8.25D to 17.75D. The

aspect ratio (L/D) was kept constant as 6 and the acceleration level ranged between 15.5g

and 75g. The normalized ultimate soil resistance was unaffected by acceleration level and

load eccentricity, indicating that the failure mechanism was the same for all tests. Based on

the centrifuge tests, a reformulation of soil–pile interaction curves was also proposed.

Centrifuge tests in clay were also conducted by a number of researchers. Doyle et al. (2004)

conducted four centrifuge model tests to study the lateral response of large diameter piles

in clay subjected to large lateral displacements. Zhang et al. (2011) performed centrifuge

tests to investigate the behavior of a short fixed-head pile subjected to lateral cyclic load in

overconsolidated soft clay.

2.3.2.4 Finite Element (FE) Analyses

Abdel-Rahman and Achmus (2005) carried out three-dimensional finite element analyses

on large diameter laterally loaded monopiles in sand. An elasto-plastic material law

with Mohr-Coulomb failure criterion was used where the stress dependency of the elastic

modulus was incorporated parabolically. The finite element analyses were performed by

Abaqus. The monopiles used in the FE analyses were 7.5 m in diameter and lengths were 20

m and 30 m with a wall thickness of 90 mm. The results of the FE analyses were compared

to the results of the p − y method (API, 2000). The p − y curve method was found to
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underestimate the pile deformations compared to FE results. The authors pointed out to the

overestimation of the initial stiffness of soil in large depths by the p − y method to be the

probable cause.

Lesny and Wiemann (2006) conducted finite element analyses on large diameter monopiles

in dense sand and compared the monopile behavior to the standard design method, namely

p− y method (API, 2000). The considered monopiles had diameters ranging between 1 m

and 6m. Commercial finite element software Abaqus was used where the elastic-plastic soil

behavior was modeled by incorporating the Mohr-Coulomb failure criterion. The elastic

modulus of soil was assumed to increase parabolically with depth. The influence of the

pile diameter on the pile-soil stiffness was investigated. The authors concluded that, the

standard p − y method overestimates the pile-soil stiffness of large diameter monopiles at

great depths which may result in an insufficient pile length. A simple modification on the

initial stiffness of the p− y curve was also suggested.

Achmus et al. (2009) performed finite element analyses on laterally loaded monopiles in

medium dense and dense sand. The diameter of the pile was 7.5 m with lengths ranging

between 20 m and 40 m and wall thickness of 90 mm. Finite element software Abaqus

was used. The purpose of the analyses was to estimate the progressive deformation of a

monopile under monotonic and long-term lateral cyclic load with load eccentricities ranging

between 0 m and 40 m. A special numerical concept “degradation stiffness model” was

introduced and incorporated in the FE analyses. Based on the analyses results, preliminary
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design charts were presented.

Hearn and Edgers (2010) conducted finite element analyses on laterally loaded monopiles

in dense sand incorporating linearly increasing modulus of elasticity of sand with depth at

a rate corresponding to the API (2000) recommended k value. Plaxis 3D was used in the

FE modeling. The monopile had a diameter of 5 m with embedment length of 26 m and

wall thickness of 55 mm. A method for back-calculating p−y curves from FE analyses was

suggested. The authors back-calculated the p−y curves from the FE analyses and observed

that the p− y curves by the API method were found steeper than those from FE analyses.

Wolf et al. (2013) performed finite element analyses as a case study of a monopile

foundation for a wind turbine located at Barrow Offshore Wind Farm. The pile properties

were estimated according to the foundation design report for the chosen wind turbine. The

pile was a hollow steel cylinder with an embedded length of 29.4 m and an outer diameter of

4.75 m with a wall thickness of 0.1 m. The analyses were conducted by means of the finite

element program PLAXIS 3D. Two material models were used in the numerical analysis:

the Mohr-Coulomb model and the hardening soil model. The conventional p − y curves

formulated in the API (2010) showed a much stiffer response at depth than either of the

applied material models.

Although, the major focus of this thesis is concerned with the behavior of laterally loaded

monopiles in sand, some recent FE analyses on laterally loaded monopiles in clay are briefly

summarized.
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Pradhan (2012) performed three-dimensional finite element analyses to develop p−y curves

for laterally loaded monopiles installed in clay using Plaxis 3D where hardening soil model

was used. Haiderali et al. (2013) conducted three-dimensional finite element analyses

to investigate the lateral and axial response of monopiles in soft and stiff marine clays.

Haiderali and Madabhushi (2013) carried out three-dimensional finite element analyses to

investigate the lateral load-deformation behavior of monopiles installed in soft clays of

varying undrained shear strength and stiffness.

2.4 Summary

A comprehensive literature review is presented on the two focused areas of the present

study, namely inclined loading pullout capacity of suction caisson in sand and lateral load

capacity of monopile in sand.

Although, a number of research works are available in literature related to the FE modeling

of inclined loading pullout capacity of suction caisson in sand, the effects of pre-peak

hardening and post-peak softening behavior of dense sand were not take into account in

past. The effects of mean effective stress and relative density on stress−strain behavior

of dense sand were not considered, which is required for better estimation of the inclined

pullout capacity of suction caissons by FE simulation.

The current design practice of monopile foundations for offshore wind turbines is based on

the p− y curve method. The present literature review reveals the weakness of p− y curve

39



method in designing the large diameter monopiles. In addition, the FE analyses performed

earlier did not consider the mean stress and strain dependent variation of mobilized friction

angle and dilation angle of dense sand. Hence, a proper soil constitutive model is required

to evaluate the capacity of large diameter monopiles by FE modeling.
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3.1 Abstract

Three-dimensional finite element (FE) analyses are conducted to calculate the pullout

capacity of suction caisson subjected to oblique loading. Two sets of FE analyses are

performed using Abaqus FE software. In the first set, the sand around the caisson is

modeled using the built-in Mohr-Coulomb model (MC) available in Abaqus where constant

values of the angle of internal friction (ϕ′) and dilation (ψ) are defined. The effects of key

variables, such as loading angle, mooring position and aspect ratio, on pullout capacity and

rotation of the caisson are examined. A comparison between FE and centrifuge test results

is also shown. The second set of analyses are performed using a modified Mohr-Coulomb

model (MMC) where the prepeak hardening, postpeak softening and effects of density

and confining pressure on stress-strain behavior of dense sand are implemented via a user

subroutine by varying ϕ′ and ψ as a function of plastic shear strain and confining pressure.

By comparing the failure surface development in the soil with increase in loading for two

different models (MC and MMC), it is shown that the mobilized ϕ′ and ψ vary along the

failure planes if the MMC model is used, although the capacity of the caisson could be

obtained even if appropriate values of constant ϕ′ and ψ are used in the MC model.

Keywords: Suction caisson; Abaqus/Explicit; Pullout force; Dense sand; Loading angle;

Mooring position.
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3.2 Introduction

Suction caissons (also known as suction anchors, suction piles or suction buckets) are a

unique form of foundation/mooring system that have several advantages over traditional

pile foundation and anchors. The main advantages include fast installation, elimination of

the pile driving process, reduction in material costs and reusability. A suction caisson is

a large diameter hollow cylinder, usually made of steel having top end closed and bottom

end opened that is installed in soil by applying suction with pumping water out of caisson

interior. Suction caissons are now widely being used in offshore industries for anchoring

large offshore floating facilities to the seafloor. The pullout capacity of the caisson is one

of the main concerns. The caissons are usually connected to the floating structures by a

mooring line which is attached to a padeye on one side of the caisson.

The pullout behavior of suction caissons installed in both sand and clay is of great interest

for oil and gas development industry because of their advantages over other conventional

foundation systems. Previous studies mainly focused on caissons in clay. For example,

Aubeny et al. (2003) presented a theoretical method to estimate the inclined load capacity of

suction caissons based on an upper bound plasticity formulation for clay. Cao et al.(2002a,

2002b and 2003) conducted centrifuge tests and FE analyses for caissons in clay. Similarly,

FE analyses have been performed using various soil constitutive models, including Cam

Clay and MIT-E3 models, to understand the response of caissons in clay (e.g., Sukumaran

et al., 1999; Handayanu et al., 2000; Zdravkovic et al., 2001).
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Limited research is available in the literature to estimate the pullout capacity of suction

caissons in sand. The mechanisms involved in the installation of a caisson in sand are

different from that of in clay. In sand, the seepage due to applied suction plays a significant

role. The installation issues of suction caisson in sand and sand/silt layers have been

described by Houlsby and Byrne (2005a and 2005b) and Tran et al. (2007). Some centrifuge

tests have been conducted in the past to increase the understanding of the pullout behavior

of caisson in sand (e.g., Allersma et al., 2000; Lee et al., 2003; Kim et al., 2005; Jones et al.,

2007; Kim et al., 2009; Kim et al., 2010; Bang et al., 2011; Jang and Kim, 2013). Bang et

al. (2011) reported a series of centrifuge tests at 100g on a model suction caisson in medium

dense sand to evaluate the pullout capacities. More recently, Gao et al. (2013) conducted

model tests to evaluate the pullout capacity of suction caisson in medium dense sand and

reported the effects of load inclination angle, mooring position and aspect ratio.

Numerical modeling of suction caisson in sand is very limited. Deng and Carter

(2000) conducted FE analyses of suction caisson in sand assuming axisymmetric loading

conditions using the AFENA FE software package and Mohr-Coulomb soil model.

Iftekharuzzaman and Hawlader (2012) conducted three-dimensional FE analysis using

Abaqus/Standard FE software, where they encountered some mesh distortion issues at large

displacement.

In this study, three-dimensional FE modeling of suction caissons is performed to evaluate

the pullout capacities at different load inclination angles and mooring positions in dense
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sand. In the first part of the paper, FE analyses are conducted using the built-in

Mohr-Coulomb model available in Abaqus where ϕ′ and ψ are constant. A total of 60

cases are analyzed to determine the pullout capacity of the caisson. A parametric study

is also conducted to evaluate the effects of length/diameter ratio on pullout capacity. The

finite element results are compared with centrifuge test results available in the literature.

In the second part, a set of FE analyses are presented using a modified Mohr-Coulomb

model in which the stress-strain behavior of dense sand as observed in laboratory tests is

incorporated.

3.3 Problem Definition

A suction caisson of length L and diameter D installed in dense sand is simulated in this

study. During the installation, the soil in the vicinity of the suction caisson can be disturbed.

However, the effects of disturbance on capacity are not considered in this study; instead,

the simulations are performed for a wished-in-place suction caisson. The caisson is loaded

at the five pad eye locations shown in Fig. 3.1a at different angle θ with the horizontal (Fig.

3.1b). The sign convention used for displacement and rotation of the caisson is shown in

Fig. 3.1c.
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(a) Pad eye position (b) Loading angle

(c) Sign convention for
displacement and rotation

Figure 3.1: Problem definition

3.4 Finite Element Model

The FE analyses are performed using the FE software Abaqus/Explicit 6.10-EF-1. Taking

the advantage of symmetry, only a half-circular soil domain of diameter 42 m (= 14D)

and depth 20 m (= 3.33L) is modeled as shown in Fig. 3.2. The size of the soil domain
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is large enough compared to the size of the caisson, and therefore, boundary effects are not

found on calculated load, displacement and deformation mechanisms. Achmus et al. (2013)

suggested that the diameter of the soil domain greater than 6.67D is sufficient. However,

in the present study it is found that it depends upon the direction and location of loading

and also on soil strength parameters. Therefore, a larger soil domain is used in this study

to avoid any boundary effect. Note that the increase in size of the soil domain does not

increase computational cost significantly because the size of the mesh is increased with

distance from the caisson (Fig. 3.2).

Figure 3.2: FE mesh used in the analysis

In the FE model (Fig. 3.2), the vertical plane of symmetry is restrained from any

displacement perpendicular to it, while the curved vertical surface of the soil domain is
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restrained from any lateral displacement using roller supports at the nodes. The bottom

boundary is restrained from any vertical displacement, while the top boundary is free to

displace.

The soil and the caisson are modeled using the C3D8R solid homogeneous elements

available in Abaqus/Explicit element library, which are 8-noded linear brick elements with

reduced integration and hourglass control. The mooring line is modeled as 3D wire using

T3D2 element (a 2-node linear 3D truss element) with no interaction with soil domain.

Typical FE mesh used in this study is shown in Fig. 3.2.

3.4.1 Modeling of Suction Caisson

A caisson of 6 m length, 3 m diameter and 100 mm wall thickness is modeled first.

This geometry is referred as “base case” in the following sections. Analyses are also

performed for different lengths and diameters to show the effects of aspect ratio. In the

following sections, the results of base case are presented first. By modeling the caisson as

elastic-perfectly plastic material and also as rigid body, it is found that the pullout capacity

and rotation do not very significantly with these modeling techniques. However, the FE

model with the caisson as a rigid body is computationally very efficient. Therefore, the

caisson is considered as a rigid body in the FE analyses presented in the following sections.

66



3.4.2 Modeling of Mooring Line

A wire of 50 m length and 100 mm diameter representing the mooring line connected to

the suction caisson is modeled using truss elements with material properties of steel. The

interface friction between the mooring line and soil is assumed to be zero. The pullout force

is applied by a displacement boundary condition at the far end. However, all the results

presented in the following sections are in terms of displacement of the padeye location.

3.4.3 Modeling of Sand

The sand is modeled using the built-in Mohr-Coulomb model available in the Abaqus FE

software. The submerged unit weight of sand of 8.2 kN/m3 is used. The geometry and

mechanical properties used in the analysis are shown in Table 3.1. The dimension of the

caisson for the base case analysis is similar to Bang et al. (2011). The soil parameters are

estimated based on the soil properties mentioned in that study.

3.4.4 Interface Behavior

The soil/caisson interaction is modeled using the Coulomb friction model, which defines the

friction coefficient (µ) as µ = tan(ϕµ), where ϕµ is the soil/caisson interface friction angle.

The value of ϕµ/ϕ′ varies between 0 and 1 depending upon surface roughness, mean particle

size of sand and method of installation (CFEM, 2006; Tiwari et al., 2010). For smooth steel

pipe piles, ϕµ/ϕ′ is in the range of 0.5 − 0.7 (Potyondy, 1961; Coduto, 2011; Tiwari and

Al-Adhadh, 2014). For numerical modeling, ϕµ/ϕ′ within this range has been also used
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in the past (e.g. Achmus et al., 2013). In the present study, ϕµ = 0.6ϕ′ is used. Authors

understand that the axial resistance is significantly influenced by the factor. However, the

pullout capacity is not significantly influenced by ϕµ/ϕ′ for typical loading conditions in

suction caisson.

Table 3.1: Geometry and mechanical properties in FE modeling

Suction caisson Outer diameter (D) 3 m

Length (L) 6 m

Mooring line Modulus of elasticity (Ep) 2.08× 108 kN/m2

Poisson's ratio (νp) 0.29

Sand Angle of internal friction (ϕ′) 39◦

Angle of dilation (ψ) 9◦

Young's modulus (Es) 60, 000 kN/m2

Poisson's ratio (νs) 0.3

Cohesion (c′)1 0.10 kN/m2

Submerged unit weight (γ′) 8.2 kN/m3

1Small cohesion is required to be defined in Abaqus FE analysis. For sand, in this study a very small
value of c′ = 0.10 kN/m2 is used.

3.4.5 Modulus of Elasticity of Sand

The Young’s modulus of sand, Es, can be expressed as a function of mean effective stress,

p′, as, Es = Kpatm(p
′/patm)

n (Hardin and Black, 1966; Janbu, 1963); where, K and n are

two material parameters, patm is the atmospheric pressure = (100kPa). However, in this

study, no attempt has been taken to varyEs with p′, rather a constant value ofEs = 60 MPa

is used.
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3.4.6 Mooring Positions and Load Inclination Angles

The effects of mooring position and angle of loading are investigated for the base case

parameters listed in Table 3.1. The loads are applied at 5%, 25%, 50%, 75% and 95%

mooring positions from the top of the caisson. The inclination angle of the load (θ) is

varied as 0◦, 22.5◦, 45◦, 67.5◦ and 90◦ for each mooring position. That means, a total of

25 analyses are conducted for the base case to evaluate the effects of mooring position and

load inclination angle.

3.5 Results

3.5.1 Mesh Sensitivity Analysis

In general, smaller FE mesh yields more accurate results but computationally expensive.

For efficient modeling, small elements are used near the caisson. The size of the elements

is increased with increase in radial distance from the caisson as shown in Fig. 3.2. Similarly,

the element size is increased with distance from the bottom of the caisson. To select

the optimum mesh, several trial analyses are conducted with different mesh sizes. The

force-displacement curves for three different sizes of mesh are shown Fig. 3.3 for 50%

mooring position and loading angle, θ = 0◦. As shown in Fig. 3.3, the calculated pullout

force is smaller with fine mesh than that of with coarse mesh. In this study, the medium

dense mesh is selected to perform the analyses as it is computationally faster, although it is

recognized that it gives slightly higher pullout force than that with fine mesh.
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Figure 3.3: Mesh sensitivity analysis

3.5.2 Force-displacement Curves

The variation of pullout force with total displacement along the direction of pulling is shown

in Figs. 3.4 to 3.8 for different mooring positions. The pullout force is obtained from the

axial force in the wire (truss element in this case). As Abaqus/Explicit is used, a large

displacement could be applied without numerical issues. In this study, a total displacement

of 1.5 m is applied.

Several methods are available in the literature to estimate the maximum resistance or

capacity of pipelines, anchors or pile foundations from force-displacement curves. As

shown in Figs. 3.4 to 3.8, mainly four types of force-displacement curves are obtained

from the present FE analyses. Firstly, the force-displacement curve does not show any

clear peak as shown for θ = 0◦ in Figs. 3.4 and 3.8. In this cases, the pullout force at 0.3 m
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(= 0.1D) displacement is considered as the pullout capacity as shown by the open triangles

in Figs. 3.4 and 3.8. The second type of force-displacement curve shows a clear peak at

about 0.1D displacement as shown in Fig. 3.4 for θ = 22.5◦.

Figure 3.4: Force-displacement curve for 5% mooring position

Figure 3.5: Force-displacement curve for 25% mooring position
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In the third type of force-displacement curves, a clear peak is formed before 0.1D

displacement as shown in Fig. 3.4 for θ = 45◦ and in Figs. 3.5 and 3.6 for θ = 22.5◦

with open circles. Finally, in the fourth type the peak force is developed at displacements

more than 0.1D as shown in Figs. 3.4 to 3.8 for θ = 67.5◦ with open circles. However, it

is found that in all cases the difference between the peak forces (circles) and the force at

0.1D displacement (triangles) is very small. Therefore, in this study the force at 0.1D

displacement is considered as the pullout force. The decrease in pullout force at large

displacement is mainly because of significant upward movement and rotation of the caisson

at large displacement as discussed in the following sections.

Figure 3.6: Force-displacement curve for 50% mooring position
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Figure 3.7: Force-displacement curve for 75% mooring position

Figure 3.8: Force-displacement curve for 95% mooring position

3.5.3 Pullout Capacity

The pullout capacities for different loading angles and mooring positions are shown in Fig.

3.9. The lines with open symbols represent the FE results, while the data points of the
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corresponding solid symbol show the centrifuge test results (Bang et al., 2011) of similar

conditions. The pullout capacities obtained from the present FE analysis follow the similar

trend to that obtained in the centrifuge tests (Bang et al., 2011). For a given mooring

position, the maximum pullout capacity is obtained for lateral loading (θ = 0◦), while

the minimum pullout capacity is obtained for θ = 90◦. The difference between the pullout

capacity for θ = 90◦ and θ = 67.5◦ is very small for mooring position up to 75%, because

in these cases the caisson moves almost vertically. Note that, even at θ = 90◦ the caisson

does not move purely vertically as the pad eye is located on one side of the caisson and

therefore some counterclockwise rotation has occurred. The maximum pullout capacity is

developed approximately at 75% mooring position for θ ≤ 45◦.

Figure 3.9: Comparison of pullout capacity between FE and centrifuge tests
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3.5.4 Rotation

The rotation of the caisson has a significant effect on force-displacement behavior. The

rotation of the caisson about the geometric center with total displacement is plotted in Figs.

3.10 to 3.14 for different mooring positions and different load inclination angles. The sign

convention used for rotations is shown in Fig. 3.1c in which positive value represents

clockwise rotation. As shown in Fig. 3.10 for the 5% mooring position, the caisson rotates

clockwise for θ = 0◦, 22.5◦ and 45◦. However, for θ = 90◦, a counterclockwise rotation is

observed. For θ = 67.5◦, very small rotation of the caisson is observed. A similar trend is

found for the 25% and 50% mooring positions (Figs. 3.11 and 3.12). The opposite trend of

rotation is noticed for the 75% and 95% mooring positions (Figs. 3.13 and 3.14). In these

cases, the caisson rotates in the counterclockwise direction.

Figure 3.10: Rotation-displacement curve for 5% mooring position
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Figure 3.11: Rotation-displacement curve for 25% mooring position

Figure 3.12: Rotation-displacement curve for 50% mooring position

The rotation of the caisson with pullout force is plotted in Figs. 3.15 to 3.19. As shown

in Figs. 3.15 to 3.17, the maximum clockwise rotation (+ve) has occurred for θ = 0◦ at

the 5%, 25% and 50% mooring positions. The rotation is decreased with increase in θ and
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becomes negative (counterclockwise) for θ = 67.5◦ and 90◦. On the other hand, rotation

is negative for all θ at 75% and 95% mooring positions (Figs. 3.18 and 3.19). The pattern

of rotation obtained from the present FE analyses is very similar to model test results of

Gao et al. (2013). The open triangles in Figs. 3.15 to 3.19 show the pullout capacity (0.1D

displacement). As shown, the rotation of the caisson is significantly different at the pullout

capacity for different values of θ and mooring positions.

Figure 3.13: Rotation-displacement curve for 75% mooring position

The rotation of the caisson at the pullout capacity (0.1D displacement) is shown in Fig.

3.20 for different mooring positions and load inclination angles. The clockwise positive

rotation has occurred for the 5%, 25% and 50% mooring positions for θ = 0◦, 22.5◦ and

45◦. The maximum positive rotation has occurred for the 50% mooring position at θ = 0◦.

On the other hand, counterclockwise (negative) rotation has occurred for the 75% and 95%

mooring positions. Very small rotation is calculated for large values of θ (= 67.5◦ and
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90◦), which is also almost independent of mooring position. This is one of the reasons of

calculating similar pullout capacity at these loading angles, as shown in Fig. 3.9.

Figure 3.14: Rotation-displacement curve for 95% mooring position

Figure 3.15: Force-rotation curve for 5% mooring position
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Figure 3.16: Force-rotation curve for 25% mooring position

Figure 3.17: Force-rotation curve for 50% mooring position

3.5.5 Lateral Displacement

Figure 3.21 shows the lateral displacement of the geometric centerline of the caisson with

depth for different mooring positions at θ = 0◦ at the pullout capacity (0.1D displacement).
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Figure 3.18: Force-rotation curve for 75% mooring position

Figure 3.19: Force-rotation curve for 95% mooring position

The lateral displacements for loading at the 5%, 25% and 50% mooring positions are

opposite to that of the 75% and 95% mooring positions. The minimum lateral displacement

and rotation of the caisson have occurred for loading at θ = 0◦ and the 75% mooring
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position.

Figure 3.20: Rotation of caisson at pullout capacity

Figure 3.21: Lateral displacement of caisson for θ = 0◦
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3.5.6 Shape of Soil Failure Wedge

The shape of the failure wedge of soil due to inclined loading applied on the caisson is

dependent on mooring position and loading angle. The maximum principal plastic strain

and the magnitude of total displacements for loading at the 25% and 75% mooring positions

at θ = 0◦ are shown in Figs. 3.22 and 3.23, respectively. As shown in Fig. 3.22a, significant

plastic strain develops in a narrow zone in the right side of the caisson, and a wedge of soil

is pushed upward forming heave in the right side of the caisson. The plastic strain inside

the wedge is not very significant. The movement of this wedge is governed by the passive

resistance of the soil. In the left side, a gap is formed near the bottom of the caisson and a

wedge of soil moves downward resulting in settlement at the seabed. This gap is possibly

due to the very low value of cohesion used in the FE analyses. The failure of this soil wedge

is mainly governed by the active failure condition.

When the caisson is loaded at the 25% mooring position, the rotation is in the opposite

direction of the rotation for the 75% mooring position. Therefore, the soil failure pattern

is different, as shown in Fig. 3.23. The formation of the failure wedge in the xy plane

for different mooring positions and loading angles obtained from the present FE analyses

is shown schematically in Figs. 3.24 and 3.25. When the caisson is loaded at θ = 67.5◦

and 90◦, the caisson rotates counterclockwise and failure wedges (as shown in Fig. 3.24)

are formed irrespective of the mooring positions. On the other hand, when the caisson is

loaded at θ = 0◦, 22.5◦ and 45◦, the failure pattern depends on the mooring position because
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the caisson rotates in a different direction (Fig. 3.25). When the caisson is loaded at the

5%, 25% and 50% mooring positions, the failure wedge shown in Fig. 3.25a is formed.

However, when it is loaded at the 75% and 95% mooring positions, a larger passive wedge

is formed, as shown in Fig. 3.25b. This important phenomenon should be considered in the

calculation of the pullout capacity of the caisson.

Figure 3.22: Maximum principal plastic strain and total displacement profile for 75%
mooring position and 1.5 m displacement at θ = 0◦
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Figure 3.23: Maximum principal plastic strain and total displacement profile for 25%
mooring position and 1.5 m displacement at θ = 0◦

Figure 3.24: Failure wedge for θ = 67.5◦ and 90◦ and all mooring positions
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(a)

(b)

Figure 3.25: Failure wedge for θ = 0◦, 22.5◦ and 45◦: (a) mooring positions 5%, 25% and
50%, (b) mooring positions 75% and 95%

3.6 Effect of Aspect Ratio (L/D)

The results presented in the previous sections are for the base case, where length L = 6

m and diameter D = 3 m are used. In this section, the pullout capacities for different

L/D ratios are presented. A total of 35 additional analyses are performed to investigate the

effect of L/D ratio on pullout capacity. The dimensions of the caisson are listed in Table

3.2. All the analyses are conducted for the 5%, 25%, 50%, 75% and 95% mooring positions.

Only one value of θ (= 0◦) is used and the results are compared with the centrifuge tests

results of Jang and Kim (2013) where the applied load was in the lateral direction. The
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soil parameters used in the analysis are listed in Table 3.1. The typical force-displacement

curves for the 50% mooring position with different L/D ratios are shown in Fig. 3.26. The

pullout force and displacement are normalized as in Deng and Carter (2000), where σ′
v is

the initial vertical effective stress at the bottom of the caisson. The normalization with σ′
v

is required because the shear strength of sand depends on effective stress, and for a given

L/D ratio, σ′
v is higher for larger-diameter caissons than for smaller-diameter caissons. As

shown in Fig. 3.26, the normalized pullout force increases with an increase in the L/D

ratio, and for a given L/D ratio, the normalized force is slightly higher for L = 6 m than

for L = 9 m.

The normalized pullout capacity for different mooring positions is shown in Fig. 3.27. For

all four L/D ratios, the maximum pullout force is obtained for the 75% mooring position.

Although limited, the centrifuge test results of Jang and Kim (2013) are also shown in Fig.

3.27. The present FE results compare well the centrifuge test results.

Table 3.2: Geometric parameters for different aspect ratios

L/D L (m) D (m) L (m) D (m)

1.5 9 6 6 4

2.0 9 4.5 6 3

2.5 9 3.6 6 2.4

3.0 9 3 6 2
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Figure 3.26: Normalized Force-displacement curves for 50% mooring position

Figure 3.27: Normalized pullout capacity for θ = 0◦ for different mooring positions
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3.7 Analyses Using Modified Mohr-Coulomb Model

In the analyses presented in the previous section, the built-in Mohr-Coulomb model is used

where constant values of ϕ′ and ψ are assigned. However, in laboratory tests, dense sand

shows postpeak softening behavior and the behavior of sand also depends on the mode

of shearing, such as triaxial shear (TX), direct shear (DS) or direct simple shear (DSS)

conditions. In this section, FE analyses are performed using a modified Mohr-Coulomb

(MMC) model (Roy et al., 2014a), where prepeak hardening, postpeak softening, density

and confining pressure-dependent friction and dilation angles are considered. The key

features of this model are as follows:

(i) The difference between the angle of internal friction at the peak (ϕ′
p) and critical state

ϕ′
c) increases with increase in relative density (Dr) and the reduction of confining

pressure.

(ii) The maximum dilation angle (ψp) can be calculated as ψp = (ϕ′
p−ϕ′

c)/kψ, where kψ

is a soil parameter (Bolton, 1986).

(iii) The angle of internal friction and the dilation angle are not constant but vary with

plastic shear strain γp. With an increase in γp, the mobilized ϕ′ and ψ increase (i.e.,

hardening) up to the peak value and then decrease at large γp (i.e., softening).

All the above features of dense sand behavior have been modeled using a set of equations

listed in Table 3.3. A detailed discussion of this model and its performance are available

in Roy et al. (2014a and 2014b). The MMC model has been implemented in Abaqus with
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the aid of a user-subroutine written in FORTRAN. The soil parameters used in the present

analysis are as follows: Aψ = 3.8, kψ = 0.6, ϕ′
in = 29◦, C1 = 0.22, C2 = 0.11, m = 0.25,

ϕ′
c = 31◦ and Dr = 80%. The inset in Table 3.3 shows the variation of mobilized ϕ′ and ψ

for these soil parameters for p′ = 50 kPa.

Table 3.3: Equations for Modified Mohr-Coulomb Model (MMC) (after Roy et al., 2014a)

Description Constitutive Equation Soil Parameters

Relative
density index

IR = ID(Q− ln p′)−R ID = Dr(%)/100, Q = 10, R = 1 (Bolton, 1986)

Peak friction
angle

ϕ′p = ϕ′c +AψIR ϕ′c, Aψ

Peak dilation
angle

ψp =

(
ϕ′p − ϕ′c

kψ

)
kψ

Strain
softening
parameter

γpc = C1 + C2ID C1, C2

Plastic strain
at ϕ′p

γpp = γpc

(
p′

p′a

)m
p′a,m

Mobilized
friction angle
at zone-II

ϕ′ = ϕ′in + sin−1


2
√
γpγpp

γp + γpp

 sin(ϕ′p − ϕ′in)



Mobilized
dilation angle
at Zone-II

ψ = sin−1


2
√
γpγpp

γp + γpp

 sin(ψp)



Mobilized
friction angle
at zone-III

ϕ′ = ϕ′c + exp

[
−
(
γp − γpp

γpc

)2
]
(ϕ′p − ϕ′c)

Mobilized
dilation angle
at Zone-III

ψ = exp

[
−
(
γp − γpp

γpc

)2
]
ψp

Symbols: Aψ : slope of (ϕ′p − ϕ′c) vs. IR; m,C1, C2: soil parameters; IR: relative density index; kψ : slope of (ϕ′p − ϕ′c) vs.
ψp; ϕ′in: ϕ′ at the start of plastic deformation; ϕ′c: critical state friction angle; γp: engineering plastic shear strain
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As mentioned before, constant values of ϕ′ and ψ are commonly used in the design of

pile foundations. The American Petroleum Institute (API, 1987) recommended that ϕ′ (in

degrees) can be estimated as ϕ′ = 16D2
r + 0.17Dr + 28.4. For Dr = 80%, ϕ′ = 39◦ is

calculated. Now using ϕ′ = 39◦ and ψ = 9◦ an analysis has been also performed using MC

model.

Figure 3.28: Force-displacement curve for 75% mooring position with MC and MMC
model

Figure 3.28 shows the pullout force for the base case caisson geometry loaded at the 75%

mooring position. For lower values of θ (≤ 45◦) the pullout force is higher for the MC

model than that for the MMC model. The difference reduces with an increase in θ. In order

to explain the mechanisms, the plastic shear strains developed at 10% and 30% pad eye
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displacement for θ = 0◦ are plotted in Fig. 3.29. Figure 3.29 shows that the size of the

passive failure wedge obtained by the MC model is slightly larger than that obtained by the

MMC model, which is one of the contributing factors of the higher pullout capacity by the

MC model (Fig. 3.26).

Figure 3.29: Development of plastic shear strain at 0.1D and 0.3D pad eye displacement

Figure 3.30 shows the mobilized ϕ′ and ψ at these pad eye displacements for the MMC

model. As shown in the inset of Table 3.3, the maximum ϕ′ and ψ are mobilized at γpp ,

and their values are less than the peak values in the prepeak
(
γp < γpp

)
or in the postpeak(

γp > γpp
)

zones. The left side of Fig. 3.30 shows that, at 10% displacement, the postpeak

condition is developed near the caisson (colored zone), while the gray zones represent

the prepeak shear zones where some plastic shear strains develop, although less than γpp .
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With the increase in displacement, plastic shear strain increases along the failure plane that

reduces the mobilized ϕ′ and ψ to the critical state. In other words, the mobilized ϕ′ and

ψ are not constant along the failure plane in the simulation with the MMC model. On the

other hand, with the MC model, they are constant (ϕ′ = 39◦ and ψ = 9◦).

Figure 3.30: Mobilized ϕ′ and ψ using MMC for 0.1D and 0.3D pad eye displacement

From the above analyses, it can be concluded that, although the force-displacement curves

could be matched, the mobilized shear strength in the soil is different for the MC and MMC

models.
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3.8 Conclusions

Comprehensive three-dimensional FE analyses are performed to investigate the response

of suction caissons in dense sand subjected to oblique loading. The analyses are performed

using Abaqus/Explicit FE software. The effects of constitutive behavior of sand on pullout

capacity are examined using two soil-constitutive models. In the first set of analyses, the

built-in elastic perfectly plastic Mohr-Coulomb (MC) model in Abaqus is used. The second

set analyses are conducted to capture the prepeak hardening, postpeak softening, and effects

of density and confining pressure on stress-strain behavior of dense sand by employing a

modified form of Mohr-Coulomb model (MMC) with the aid of a user-subroutine. Large

displacements are applied to examine the effects of rotation of the caisson on pullout force.

The results obtained from the present FE analyses compare well with available centrifuge

test results. The pullout capacity is also examined for three key factors: mooring position,

load inclination angle and L/D ratio.

When the MC model is used, the pullout force at 0.1D can be used as pullout capacity for

the cases analyzed. The pullout force decreases at large displacement except for θ = 0◦.

The upward movement and rotation of the caisson are the causes of the reduction of force.

The rotation of the caisson at the pullout capacity varies with θ and mooring position. The

rotation has a significant effect on pullout capacity. The failure wedge formed as a result of

displacement of the caisson is a function of θ and mooring position. The maximum pullout

capacity is obtained for 75% mooring position at θ = 0◦. Moreover, the increase of L/D
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ratio increases the normalized pullout capacity.

For the MMC model, the pullout force is slightly lower than that for the MC model, and

the difference between these two is higher for low load inclination angles. Noticeable

postpeak degradation is found for θ ≤ 45◦. Although the force-displacement curves could

be matched, the mobilized ϕ′ and ψ are different in the MC and MMC models along the

failure plane.
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4.1 Abstract

Large-diameter monopiles are widely used foundations for offshore wind turbines. In the

present study, three-dimensional finite element (FE) analyses are performed to estimate

the static lateral capacity of monopiles in dense sand subjected to eccentric loading. A

modified Mohr-Coulomb (MMC) model that considers the pre-peak hardening, post-peak

softening and the effects of mean effective stress and relative density on stress-strain

behavior of dense sand is adopted in the FE analysis. FE analyses are also performed with

the Mohr-Coulomb (MC) model. The load−displacement behavior observed in model tests

can be simulated better with the MMC model than the MC model. Based on a parametric

study for different length-to-diameter ratio of the pile, a load−moment capacity interaction

diagram is developed for different degrees of rotation. A simplified model, based on the

concept of lateral pressure distribution on the pile, is also proposed for estimation of its

capacity.

Keywords: Monopiles; Finite element; Dense sand; Modified Mohr-Coulomb model;

Lateral load; Offshore wind turbine.

4.2 Introduction

Wind energy is one of the most promising and fastest growing renewable energy sources

around the world. Because of steady and strong wind in offshore environments as compared

to onshore, along with less visual impact, a large number of offshore wind farms have
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been constructed and are under construction. The most widely used foundation system for

offshore wind turbines is the monopile, which is a large-diameter (3 − 6 m) hollow steel

driven pile having length-to-diameter ratio less than 8 (e.g., LeBlanc et al., 2010; Doherty

and Gavin, 2012; Doherty et al., 2012; Kuo et al., 2011). Monopiles have been reported

to be an efficient solution for offshore wind turbine foundations in water depth up to 35 m

(Doherty and Gavin, 2012). The dominating load on offshore monopile is the lateral load

from wind and waves, which acts at a large eccentricity above the pile head.

To estimate the load-carrying capacity of monopiles, the p−y curve method recommended

by the American Petroleum Institute (API, 2011) and Det Norske Veritas (DNV, 2011) are

widely used. However, the reliability of the p − y curve method in monopile design has

been questioned by a number of researchers (e.g., Abdel-Rahman and Achmus, 2005; Lesny

and Wiemann, 2006; LeBlanc et al., 2010; Doherty and Gavin, 2012; Doherty et al., 2012;

Achmus et al., 2009). The API and DNV recommendations are slightly modified form of the

p−y curve method proposed by Reese et al. (1974) mainly based on field tests results of two

610 mm diameter flexible slender piles. However, the large-diameter offshore monopiles

behave as a rigid pile under lateral loading. Moreover, in the API recommendations, the

initial stiffness of the p − y curve is independent of the diameter of the pile, which is also

questionable. Doherty and Gavin (2012) discussed the limitations of the API and DNV

methods to calculate the lateral load-carrying capacity of offshore monopiles.

Monopiles have been successfully installed in varieties of soil conditions; however, the
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focus of the present study is to model monopiles in dense sand. Studies have been performed

in the past for both static and cyclic loading conditions (e.g., Achmus et al., 2009; Cuéllar,

2011; Ebin, 2012); however, cyclic loading is not discussed further because it is not the

focus of the present study. To understand the behavior of large-diameter monopiles in

sand, mainly three different approaches have been taken in recent years namely physical

modeling, numerical modeling, and modification of the p− y curves. LeBlanc et al. (2010)

reported the response of a small-scale model pile under static and cyclic loading installed

in loose and dense sand. Centrifuge tests were also conducted in the past to understand the

response of large-diameter monopiles in dense sand subjected to static and cyclic lateral

loading at different eccentricities (e.g., Klinkvort et al., 2010; Klinkvort and Hededal,

2011; Klinkvort and Hededal, 2014). Møller and Christiansen (2011) conducted 1g model

tests in saturated and dry dense sand. Conducting centrifuge tests using 2.2 m and 4.4 m

diameter monopiles, Alderlieste (2011) showed that the stiffness of the load−displacement

curves increases with diameter. The comparison of results of centrifuge tests and the API

approach shows that the API approach significantly overestimates the initial stiffness of

the load−displacement behavior. In order to match test data, Alderlieste (2011) modified

the API formulation by introducing a stress dependent stiffness relation. However, the

author recognized that the modified API approach still underestimates the load at small

displacements and overestimates at large displacements and is therefore recommended for

further studies. It is also to be noted here that, small-scale model tests were conducted in

the past to estimate the lateral load-carrying capacity of rigid piles and bucket foundations
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(e.g., Prasad and Chari, 1999; Lee et al., 2003; Ibsen et al., 2014). However, contradictory

evidences of diameter effects warrant further investigations from a more fundamental

understanding (Doherty and Gavin, 2012).

Finite element modeling could be used to examine the response of monopiles under

eccentric loading. In the literature, FE modeling of large-diameter monopiles is limited as

compared to slender piles. Most of the previous FE analyses were conducted mainly using

Plaxis 3D and Abaqus FE software. Back-calculated p − y curves from FE results show

that the API recommendations significantly overestimates the initial stiffness (Møller and

Christiansen, 2011; Hearn and Edgers, 2010). Overestimation of the ultimate resistance

in FE simulation, as compared to model test results, has been also reported in previous

study (Møller and Christiansen, 2011). FE modeling also shows that the soil model has a

significant influence on load−displacement behavior (Wolf et al., 2013).

Most of the above FE analyses have been conducted using the built-in Mohr-Coulomb (MC)

model. In commercial FE software (e.g., Abaqus), the angle of internal friction and dilation

angle are defined as input parameters for the MC model. However, laboratory tests on dense

sands show post-peak softening behavior with shear strain, which should be considered in

numerical modeling for a better understanding of the response of monopiles in dense sand.

The objective of the present study is to conduct FE modeling of monopile foundations for

offshore wind turbines under static lateral loading. A realistic model that captures the key

features of stress-strain behavior of dense sand is adopted in the FE modeling, which could
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explain the load−displacement behavior observed in model tests. A simplified method is

also proposed for preliminary estimation of load-carrying capacity of monopile.

Figure 4.1: Problem statement: (a) loading and sign convention, (b) assumed pressure
distribution, (c) mode of shearing of soil elements

4.3 Finite Element Model

A monopile of length L and diameter D installed in dense sand is simulated in this study.

During installation, the soil surrounding the monopile can be disturbed. However, the

effects of disturbance on capacity are not considered in this study, instead the simulations

are performed for a wished-in-place monopile. The monopile is laterally loaded for different

load eccentricities as shown in Fig. 4.1a. Analyses are also performed only for pure moment

applied to the pile head. The sign convention used for displacement and rotation of the

monopile is also shown in Fig. 4.1a. Figure 4.1b shows an idealized horizontal stress
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distribution on the pile. Figure 4.1c shows the loading conditions of the soil elements around

the pile. Further discussion on Figs. 4.1b and 4.1c are provided in the following sections.

The FE analyses are performed using Abaqus/Explicit (Abaqus 6.13-1) FE software. Taking

the advantage of symmetry, only a half-circular soil domain of diameter 15D and depth

1.67L is modeled (Fig. 4.2). The soil domain shown in Fig. 4.2 is large enough compared

to the size of the monopile; and therefore, significant boundary effects are not expected

on calculated load, displacement and soil deformation mechanisms; which have been also

verified by conducting analyses with larger soil domains. The vertical plane of symmetry is

restrained from any displacement perpendicular to it, while the curved vertical sides of the

soil domain are restrained from any lateral displacement using roller supports at the nodes.

The bottom boundary is restrained from any vertical displacement, while the top boundary

is free to displace. The soil and the pile are modeled using the C3D8R solid homogeneous

elements available in Abaqus/Explicit element library, which is an 8-noded linear brick

element with reduced integration and hourglass control. Typical FE mesh used in this study

is shown in Fig. 4.2, which is selected based on a mesh sensitivity analysis. The lateral load

(H) is applied at a reference point at a distance e above the pile head along theX direction.

At the pile head, this load generates a lateral loadH and a momentM = H× e (Fig. 4.1b).

For the pure moment cases, only a moment M is applied to the pile head without H .
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Figure 4.2: FE mesh used in this study

4.3.1 Modeling of the Monopile

The pile-soil interaction behavior is significantly influenced by the rigidity of pile (e.g.,

Dobry et al., 1982; Briaud et al., 1983; Budhu and Davies, 1987; Carter and Kulhawy,

1988). To characterize rigid or flexible behavior, Poulos and Hull (1989) used a rigidity

parameter, R = (EpIp/Es)
0.25, where Ip is the moment of inertia of the pile, Ep and Es

are the Young’s modulus of the pile and soil, respectively. They also suggested that if

L ≤ 1.48R, the pile behaves as rigid while it behaves as a flexible pile if L ≥ 4.44R.

Monopile used for offshore wind turbine foundations generally behave as a rigid pile

(LeBlanc et al., 2010; Doherty and Gavin, 2012). Therefore, all the analysis presented in the

following sections, the pile is modeled as a rigid body because it saves the computational
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time significantly.

4.3.2 Modeling of Sand

The elastic perfectly plastic Mohr-Coulomb (MC) model has been used in the past to

evaluate the performance of monopile foundations in sand (e.g., Abdel-Rahman and

Achmus, 2006; Sørensen et al., 2009; Achmus et al., 2009; Kuo et al., 2011; Wolf et al.,

2013). However, the Mohr-Coulomb model has some inherent limitations. Once a soil

element reaches the yield surface, which is defined by the Mohr-Coulomb failure criterion,

constant dilation is employed which implies that dense sand will continue to dilate with

shearing, whereas laboratory tests on dense sand show that the dilation angle gradually

decreases to zero with plastic shearing and the soil element reaches the critical state. In the

present study, this limitation is overcome by employing a modified form of Mohr-Coulomb

(MMC) model proposed by Roy et al. (2014a,b) which takes into account the effects of

pre-peak hardening, post-peak softening, density and confining pressure on mobilized angle

of internal friction (ϕ′) and dilation angle (ψ) of dense sand. A summary of the constitutive

relationships of the MMC model is shown in Table 4.1. The inset of Table 4.1 shows the

typical variation of mobilized ϕ′ and ψ with plastic shear strain (γp). The following are the

key features of the MMC model.

The peak friction angle (ϕ′
p) increases with relative density but decreases with confining

pressure, which is a well-recognized phenomena observed in triaxial and direct simple

shear (DSS) tests (e.g., Bolton, 1986; Tatsuoka et al., 1986; Hsu and Liao, 1998; Houlsby,
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1991; Schanz and Vermeer, 1996; Lings and Dietz, 2004). Mathematical functions for

mobilized ϕ′ and ψ with plastic shear strain, relative density and confining pressure have

been proposed in the past (Vermeer and deBorst, 1984; Tatsuoka et al., 1993; Hsu and

Liao, 1998; Hsu, 2005). Reanalyzing additional laboratory test data, Roy et al. (2014a,b)

proposed the improved relationships shown in Table 4.1 (MMC model) and used for

successful simulation of pipeline-soil interaction behavior. Further details of the model

and parameter selection are discussed in Roy et al. (2014a,b) and are not repeated here.

In Abaqus, the proposed MMC model cannot be used directly using any built-in model;

therefore, in this study it is implemented by developing a user subroutine VUSDFLD written

in FORTRAN. In the subroutine, the stress and strain components are called in each time

increment and from the stress components the mean stress (p′) is calculated. The value of

p′ at the initial condition represents the confining pressure (σ′
c), which is stored as a field

variable to calculate Q (see the equation in the first row of Table 4.1). Using the strain

increment components, the plastic shear strain increment γ̇p is calculated as
√
3(ϵ̇pij ϵ̇

p
ji)/2

for triaxial configuration, where ϵ̇pij is the plastic strain increment tensor. The value of

γp is calculated as the sum of γ̇p over the period of analysis. In the subroutine, γp and

p′ are defined as two field variables FV1 and FV2, respectively. In the input file, using

the equations shown in Table 4.1, the mobilized ϕ′ and ψ are defined in tabular form as a

function of γp and p′. During the analysis, the program accesses the subroutine and updates

the values of ϕ′ and ψ with field variables.
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Table 4.1: Equations for Modified Mohr-Coulomb model (MMC) (summarized from Roy
et al., 2014a,b)

Description Constitutive Equation Soil Parameters

Relative
density index

IR = ID(Q− ln p′)−R
ID = Dr(%)/100, Q = 7.4 + 0.6 ln(σ′

c)
(Chakraborty and Salgado, 2010), R = 1 (Bolton,
1986)

Peak friction
angle

ϕ′p = ϕ′c +AψIR ϕ′c, Aψ

Peak dilation
angle

ψp =

(
ϕ′
p−ϕ

′
c

kψ

)
kψ

Strain
softening
parameter

γpc = C1 + C2ID C1, C2

Plastic strain
at ϕ′p

γpp = γpc

(
p′

p′a

)m
p′a,m

Mobilized
friction angle
at zone-II

ϕ′ = ϕ′in + sin−1

[(
2
√
γpγ

p
p

γp+γ
p
p

)
sin(ϕ′p − ϕ′in)

]

Mobilized
dilation angle
at Zone-II

ψ = sin−1

[(
2
√
γpγ

p
p

γp+γ
p
p

)
sin(ψp)

]

Mobilized
friction angle
at zone-III

ϕ′ = ϕ′c + exp

[
−
(
γp−γpp
γ
p
c

)2
]
(ϕ′p − ϕ′c)

Mobilized
dilation angle
at Zone-III

ψ = exp

[
−
(
γp−γpp
γ
p
c

)2
]
ψp

Symbols: Aψ : slope of (ϕ′p − ϕ′c) vs. IR; m,C1, C2: soil parameters; IR: relative density index; kψ : slope of (ϕ′p − ϕ′c) vs. ψp;
ϕ′in: ϕ′ at the start of plastic deformation; ϕ′c: critical state friction angle; γp: engineering plastic shear strain

4.3.3 Model Parameters

The soil parameters used in the FE analyses are listed in Table 4.2. As shown in Fig. 4.1c,

the mode of shearing of a soil element around the monopile depends on its location. For

example, in Fig. 4.1c, the loading on soil element A is similar to triaxial compression,

while the elements B and C are loaded similar to DSS condition. Experimental results
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show that the parameters Aψ and kψ that define peak friction (ϕ′
p) and dilation angle (ψp)

(i.e. 2nd and 3rd Eqs. in Table 1) depend on the mode of shearing (e.g., Bolton, 1986;

Houlsby, 1991; Schanz and Vermeer, 1996). For example, Bolton (1986) recommended

Aψ = 5 and kψ = 0.8 for plane strain condition and Aψ = 3 and kψ = 0.5 for triaxial

condition. In a recent study, Chakraborty and Salgado (2010) showed that Aψ = 3.8 and

kψ = 0.6 is valid for both triaxial and plane strain condition for Toyoura sand. The soil

around the pile under eccentric loading is not only in triaxial or plane strain condition but

varies in a wide range of stress conditions depending upon depth (z) and α (Figs. 4.1b, c).

Therefore, in this study Aψ = 3.8 and kψ = 0.6 is used for simplicity. In addition, based

on Chakraborty and Salgado (2010), the parameter Q is varied as Q = 7.4 + 0.6 ln  (σ′
c)

with 7.4 ≤ Q ≤ 10.

The soil-pile interaction is modeled using the Coulomb friction model, which defines the

friction coefficient (µ) as µ = tan(ϕµ), where ϕµ is the soil-pile interface friction angle.

The value of ϕµ/ϕ′ varies between 0 and 1 depending upon the surface roughness, mean

particle size of sand and the method of installation (CFEM, 2006; Tiwari et al., 2010). For

smooth steel pipe piles, ϕµ/ϕ′ is in the range of 0.5− 0.7 (Potyondy, 1961; Coduto, 2001;

Tiwari and Al-Adhadh, 2014). For numerical modeling, ϕµ/ϕ′ within this range has been

also used in the past (e.g., Achmus et al., 2013). In the present study, ϕµ = 0.65ϕ′ is used,

where ϕ′ (in degree)= 16D2
r + 0.17Dr + 28.4 (API, 1987).
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The Young's modulus of elasticity of sand (Es) can be expressed as a function of mean

effective stress (p′) as, Es = Kpa(p
′/pa)

n (Janbu, 1963); where, K and n are soil

parameters and pa is the atmospheric pressure. However, in this study, a constant value

of Es = 90 MPa is used which is a reasonable value for a dense sand having Dr = 90%.

The numerical analysis is conducted in two steps. In the first step, geostatic stress is

applied. In the second step, the pile is displaced in theX direction specifying a displacement

boundary condition at the reference point at a vertical distance e above the pile head.

Two sets of FE analyses are performed. In the first set, analyses are performed to show

the performance of the model comparing the results of FE analysis and centrifuge tests

reported by Klinkvort and Hededal (2014), which is denoted as “model test simulation.” In

the second set, a parametric study is conducted for a wide range of aspect ratio (η = L/D)

of the pile and load eccentricity.

4.4 Model Test Simulation Results

4.4.1 Simulation of Klinkvort and Hededal (2014) Centrifuge Test Results

Four centrifuge tests (T6, T7, T8 and T9) conducted by Klinkvort and Hededal (2014)

are simulated. These tests were conducted using 18 m long and 3 m diameter (prototype)

monopiles installed in saturated dense sand of Dr ≈ 90%. The lateral load was applied at

an eccentricity (e) of 27.45, 31.5, 38.25 and 45.0 m in tests T6, T7, T8 and T9, respectively.
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Table 4.2: Soil parameters used in FE analyses

Parameters Value

νsoil 0.3

Aψ 3.8

kψ 0.6

ϕ′in 29◦

C1 0.22

C2 0.11

m 0.25

Critical state friction angle, ϕ′c 31◦

Young’s modulus of elasticity, Es (MN/m2) 90

Relative density of sand, Dr (%) 90

Submerged unit weight, γ′ (kN/m3) 10.2

Interface friction co-efficient, µ tan(0.65ϕ′)
1Cohesion, c′ (kN/m3) 0.10

1Cohesion is required to be defined in Abaqus FE analysis. For sand in this
study a very small value of c′ = 0.10 kN/m2 is used.

The soil parameters used in FE simulation with the MMC model are listed in Table

4.2. Figure 4.3 shows the variation of normalized force (H/Kpγ
′D3) with normalized

displacement (u/D) obtained from FE analyses along with centrifuge test results. Here H

is the lateral force, γ′ is the submerged unit weight of sand,D is the diameter of the pile,Kp

is the Rankine passive earth pressure coefficient calculated using API (1987) recommended

ϕ′ mentioned above, and u is the lateral displacement of the pile head. Note that different

parameters have been used in the past to normalize H (e.g., LeBlanc et al., 2010; Achmus

et al., 2013; Klinkvort and Hededal, 2014); however, in order to be consistent, the vertical

axis of Fig. 4.3 shows the normalized H as Klinkvort and Hededal (2014).

The normalized load−displacement behavior obtained from FE analyses match well with
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the centrifuge test results except for T7 in which FE analyses show higher initial stiffness

than that reported from centrifuge test. Klinkvort and Hededal (2014) recognized this low

initial stiffness in T7, although did not report the potential causes. The load−displacement

curves do not become horizontal even at u/D = 0.5 although the gradient of the curves at

large u is small as compared to the gradient at low u. As the load−displacement curve does

not reach a clear peak, a rotation criterion is used to define the ultimate capacity (Hu and

Mu). Klinkvort (2012) defined the ultimate condition (failure) at θ = 4◦ while LeBlanc et

al. (2010) defined it at θ̃ = θ
√
(pa/Lγ′) = 4◦. In this study, defining the ultimate condition

at θ = 5◦ (i.e., θ̃ = 3.7◦ in this case), Hu and Mu (= Hu × e) are obtained.

Figure 4.3: Comparison between FE simulation and centrifuge test results by Klinkvort
and Hededal (2014)
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4.4.2 Effects of Vertical Load

The monopiles supporting offshore wind turbines also experience a vertical load due to the

weight of superstructure containing the turbine and transition pieces. Typical vertical load

on a 2−5 MW offshore wind turbine foundation is 2.4−10 MN (Malhotra, 2011; LeBlanc

et al., 2010; Achmus et al., 2013). The effects of vertical load on the lateral load-carrying

capacity of monopile are examined from 21 simulations of a monopile having L = 18 m

and D = 3 m under vertical loading V of 0, 5 and 10 MN for lateral loading at 6 different

eccentricities and pure moment. The soil parameters used in the analysis are same as before

(Table 4.2). In these simulations, after geostatic step, the vertical load is applied gradually

and then the lateral eccentric load is applied as shown in Fig. 4.1a.

TheHu−Mu interaction curves obtained from these 21 FE simulations for different vertical

loading conditions are shown in Fig. 4.4a. As shown, the load-carrying capacity of a

monopile increases with vertical load. In this case, Hu and Mu increase approximately

by 11% for a change of V from 0 to 10 MN.

The initial stiffness (kin) of the load−rotation curve is one of the main concerns in monopile

design. As the H − θ curve is nonlinear, kin is defined as the slope of the line drawn from

origin to the point at θ = 0.5◦ (inset of Fig. 4.4b). Figure 4.4b shows that kin decreases

with eccentricity; however, the effect of V on kin is minimal. For a given eccentricity,

the minimum load-carrying capacity (Fig. 4.4a) and stiffness (Fig. 4.4b) are obtained for

V = 0. Achmus et al. (2013) also found similar effect of V from FE simulation using the
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MC model. From centrifuge modeling, Alderlieste (2011) also reported decrease in stiffness

with eccentricity. As the effect of V is not very significant, in the following sections, all

the analyses are performed for V = 0.

Figure 4.4: Effects of vertical load and eccentricity on: (a) ultimate capacity and (b)
initial stiffness
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4.4.3 FE Simulation with Mohr-Coulomb Model

The built-in Mohr-Coulomb (MC) model in Abaqus FE software has been used in previous

studies to simulate the response of monopiles in sand. With the MC model, the soil

behavior is elastic until the stress state reaches the yield surface which is defined by the

Mohr-Coulomb failure criterion. Constant values of ϕ′ and ψ are needed to be given as

input parameters in the MC model. As post-peak softening occurs during shearing of dense

sand, estimation of appropriate values of ϕ′ and ψ is a challenging task. Based on the API

(1987) recommendations mentioned above ϕ′ = 41.5◦ is calculated for Dr = 90%. The

value of ψ (= 13◦) is then calculated using the relationship proposed by Bolton (1986) as

ψ = (ϕ′
p−ϕ′

c)/0.8. Now using ϕ′ = 41.5◦ andψ = 13◦, FE analysis is also performed using

the built-in MC model. The dashed lines in Fig. 4.3 show the simulation results with the

MC model. The MC model over-predicts the lateral load-carrying capacity together with

overall high stiffness of the load−displacement curve compared to centrifuge tests and FE

simulations with the MMC model.

Overestimation of the initial stiffness by the API formulation for large-diameter pile has

been reported by a number of researchers (e.g., Achmus et al., 2009; Lesny et al., 2007).

Alderlieste (2011) introduced a correction term to define stress-dependent soil stiffness to

match the experimental load–displacement curves. Although this modification improves

the prediction, it under-predicts H at low u but over-predicts at large u.

One of the main advantages of the MMC model is that the mobilized ϕ′ and ψ decrease
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with plastic shear strain (i.e., displacement u) which reduces the shear resistance of soil and

therefore the gradient of the load−displacement curves reduces with u (Fig. 4.3).

4.4.4 Soil Failure Mechanism

The mechanisms involved in force−displacement behavior can be explained further using

the formation of shear bands (plastic shear strain concentrated zones). The accumulated

plastic shear strain (γp) in the simulation of test T9 is shown in left column of Fig. 4.5 for

θ = 0.5◦, 1◦ and 5◦. The plastic shear strains start to develop near the pile head at a small

rotation (e.g., θ = 0.5◦) and an inclined downward shear band f1 forms in front of the pile

(right side) because of eccentric lateral loading (Fig. 4.5a). With the increase in θ, another

inclined upward shear band f2 forms that reaches the ground surface and creating a failure

wedge as shown in Fig. 4.5(b). With further increase in rotation (e.g., θ = 5◦), the third

shear band f3 forms (Fig. 4.5c). During the formation of shear bands, small or negligible γp

develops in the soil elements outside the shear bands. With increase in rotation, γp increases

in and around the shear bands. The right column of Fig. 4.5 shows the simulation using the

MC model. In this case no distinct shear band is observed; instead, the zone of plastic shear

strain accumulation in the right side of the pile enlarges with rotation of the pile because

the post-peak softening is not considered.

The difference between the force−displacement curves obtained with the MC and MMC

model could be explained further examining mobilized ϕ′ and ψ along the shear bands. In

the MC model the plastic shear deformation occurs under constant ϕ′ and ψ. However,
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MMC model MC model

Figure 4.5: Development of plastic shear zone around the monopile

119



Figure 4.6: Mobilized ϕ′ and ψ around the monopile
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in the MMC model ϕ′ and ψ varies with accumulated plastic shear strains. As shown in

Fig. 4.5(a-c), significant accumulation of γp occurs in the shear bands. The mobilized ϕ′

and ψ for these three values of θ (0.5◦, 1◦ and 5◦) are shown in Fig. 4.6. As shown in the

inset in Table 4.1, the maximum values of ϕ′ and ψ mobilize at γpp , and therefore ϕ′ < ϕ′
p

and ψ < ψp in the pre-yield (γp < γpp) and also in the post-yield (γp > γpp) conditions.

The colored zones in Figs. 4.5(a-c) roughly represent the post-peak condition (γp > γpp)

developed in soil, while in the gray zone some plastic shear strains develop (γp < γpp) but

the soil elements in this zone are still in the pre-peak shear zone (see inset of Table 4.1).

The colored zones in Fig. 4.6 roughly represent the mobilized ϕ′ (Fig. 4.6a-c) and ψ (Fig.

4.6d-f) in the post-peak while the gray areas represent the pre-peak zone. These figures

show that ϕ′ and ψ are not constant along the shear band, rather it depends on accumulated

plastic shear strain γp. In some segments they could be at the peak, while in the segments

where large plastic shear strains accumulate, ϕ′ and ψ are at the critical state. As ϕ′ and ψ

reduce with γp at large strains, lower normalized lateral force is calculated with the MMC

model than the MC model (Fig. 4.3).

The FE results presented in the following sections are conducted with the MMC model.

4.5 FE Simulations for Different Aspect Ratios

The aspect ratio η (= L/D) is often used to examine the effects of pile geometry on

load-carrying capacity. The value of η could be varied by changing the values of L or

D or both. Analyses are performed for three values of η (= 4, 5, 6) by varyingD between 3
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and 4.5 m andL between 12 and 21 m, as shown in Table 4.3. The lateral load is applied at 6

different eccentricities ranging between 0 and 20D. In addition, analyses are performed for

pure moment condition. In other words, a total of 42 analyses for six monopiles (7 for each

geometry) are conducted. The soil properties listed in Table 4.2 are used in the analysis.

Table 4.3: Dimensions used for varying aspect ratio

Aspect ratio, η = L/D
Load eccentricities, e

η = 4 η = 5 η = 6

L = 12 m, D = 3 m L = 15 m, D = 3 m L = 18 m, D = 3 m 0, 2.5D, 5D, 10D, 15D,
20D and pure momentL = 18 m, D = 4.5 m L = 18 m, D = 3.6 m L = 21 m, D = 3.5 m

4.5.1 Force−displacement and Moment−rotation Curves

The capacity of a monopile need to be estimated at different states such as the ultimate limit

state (ULS) and serviceability limit state (SLS). The SLS occurs at much lower rotation of

the pile than ULS. In the design, both ULS and SLS criteria need to be satisfied.

Typical force−displacement and moment−rotation curves are shown in Fig. 4.7a and

4.7b, respectively, for a monopile having L = 12 m and D = 3 m loaded at different

eccentricities. Similar to Fig. 4.3, the load−displacement curve does not reach a clear

peak and therefore the rotation criterion θ = 5◦ is used to define the ultimate capacity. For

serviceability limit state (SLS), the allowable rotation is generally less than 1◦ (Doherty and

Gavin, 2012; DNV, 2011).

Figure 4.7a shows that the lateral load-carrying capacity decreases with increase in
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eccentricity. In this figure, the open symbols show the lateral loads for 0.5◦, 1◦ and 5◦

rotations. All the points for a given rotation (e.g., open squares) are not on a vertical line

in Fig. 4.7a because the depth of rotation slightly decreases with increase in eccentricity

(explained later). As expected, H increases with increase in rotation (e.g., Hu for θ = 5◦ is

greater than Hu for θ = 1◦).

In the design of long slender piles, the lateral load at pile head displacement of 10% of

its diameter is often considered as the ultimate load. The solid triangles show the lateral

load-carrying capacity of the pile for 0.1D pile head displacement. In these analyses, it is

higher than the lateral load at θ = 1◦ but lower than θ = 5◦.

Similar to Fig. 4.7a, the open symbols in Fig. 4.7b show the moments at θ = 0.5◦, 1◦ and

5◦, while the solid triangles show the moment for 0.1D pile head displacement. Notice that

the top most curve in Fig. 4.7b is for pure moment (not for pure lateral load as in Fig. 4.7a

because in that case M = 0 as e = 0). Although lateral load-carrying capacity decreases

with increase in eccentricity (Fig. 4.7a), the corresponding moment increases (Fig. 4.7b).

In summary, both load- and moment-carrying capacity of a large-diameter monopile in

dense sand depend on its rotation. As the rotation criterion is commonly used in the current

practice (DNV, 2011), the values of H and M at θ = 0.5◦, 1◦ and 5◦ will be critically

examined further in the following sections, which is denoted asH0.5,H1,H5 andM0.5,M1,

M5, respectively. Note that, H5 and M5 are considered as the ultimate capacity (Hu and

Mu) in this study.
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Figure 4.7: Analysis for L = 12 m and D = 3 m: (a) lateral force−displacement, (b)
moment−rotation

4.5.2 Point of Rotation

One of the limitations of the current p − y curve based design method is that it has been

developed from test results of slender piles where only the top part of the pile deflects
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under lateral loading. However, a large-diameter monopile behaves similar to a rigid pile

and therefore the monopile tends to rotate around a rotation point and thereby generates

pressure along the whole length of the pile.

Figure 4.8: Lateral displacement for different length-to diameter ratios and eccentricities

In order to identify the point of rotation of the pile in terms of length (i.e., d/L in Fig. 4.1b),

the lateral displacements of 3 m diameter piles of different length are plotted in Fig. 4.8.

As the pile length is differnt (Table 4.3), the depth z in the vertical axis is normalized by

L. In order to maintain clarity, the lateral displacements are plotted in a normalized form

as ũ = uLref/L, where Lref is taken as 15 m. Figure 4.8a shows that the point of rotation

is located approximately at d = 0.78L for e = 0 for all three degree of rotations. With

increase in e, d/L slightly decreases (Figs. 4.8b and 4.8c). For the pure moment case,

d ≈ 0.7L is calculated. Similar responses have been observed for other pile diameters. In

summary, d/L is approximately constant irrespective of the length of the pile for a given e
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for these level of rotations. Moreover, d/L ≈ 0.7L − 0.78L for the cases analyzed in this

study. Note that Klinkvort and Hededal (2014) also reported d ≈ 0.7L from a number of

centrifuge model tests.

4.5.3 Force−moment Interaction Diagram

The capacity of a monopile can be better described using force−moment interaction

diagrams (Fig. 4.9). In order to plot this diagram, the values of H and M are obtained for

each of the 42 analyses listed in Table 4.3 for θ = 0.5◦, 1◦ and 5◦ as shown in Figs. 4.7a and

4.7b. Figure 4.9 shows that H −M interaction lines are almost linear. The capacity (both

H and M ) increases with increase in length and diameter of the monopile. Comparison

of Figs. 4.9a-c show that the capacity of the monopile increases with increase in rotation;

however, the shape of theH−M curves remain almost linear for all three rotations. Similar

shape of H −M diagrams have been reported by Achmus et al. (2013), where FE analyses

of suction bucket foundations have been conducted using the built-in Mohr-Coulomb model

with constant ϕ′ and ψ.

4.5.4 Horizontal Stress Around The Pile

The soil resistance to the lateral movement of the pile depends on two factors: (i) frontal

normal stress and (ii) side friction (Briaud et al., 1983; Smith, 1987). The contour plots

of the horizontal compressive stresses for three different load eccentricities at θ = 5◦ are

shown in Fig. 4.10 for the analysis of the monopile having L = 18 m and D = 3 m.

Compressive stress develops in the right side of the pile up to approximately 0.70− 0.78L
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Figure 4.9: Lateral load−moment interaction diagrams: (a) for θ = 0.5◦, (b) for θ = 1◦,
(c) for θ = 5◦
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and in the left side near the bottom of the pile. An uneven shape of the stress contour around

the shear band f3 in Fig. 4.5c is calculated (e.g., see the stress contour around the line AB

in Fig. 4.10a). The pattern is similar in all three eccentricities. The solid circles show the

approximate location of the point of rotation.

Figure 4.10: Development of soil horizontal stress at ultimate state (θ = 5◦) in the plane
of symmetry

4.5.5 Effects of η and e on initial stiffness

Similar to Fig. 4.4b, the initial stiffness (kin) is calculated for all 42 analyses listed in

Table 4.3 and plotted in Fig. 4.11. The initial stiffness increases with increase in size of

the pile and the increase is very significant at low eccentricities; however, at large e/D, the

difference in kin is relatively small. For a given pile length (e.g., L = 18 m), kin is higher

for larger diameter pile up to e = 5D; however, kin is almost independent of D at large

eccentricities (e.g., e = 15D). This is consistent with centrifuge tests (Alderlieste, 2011)

where it was shown that the decrease in stiffness with eccentricity is more pronounced in

larger diameter piles. Similar findings have been reported by Achmus et al. (2013) for
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suction bucket foundations.

Figure 4.11: Effects of length-to-diameter ratio and eccentricity on initial stiffness

4.6 Proposed Equation for Lateral Load-carrying Capacity and

Moment

Various theoretical methods have been proposed in the past to calculate the ultimate lateral

resistance (Hu) of free-headed laterally loaded rigid pile based on simplified soil pressure

distribution along the length of the pile (Brinch Hansen, 1961; Broms, 1964; Petrasovits

and Award, 1972; Meyerhof et al., 1981; Prasad and Chari, 1999). Following LeBlanc et

al. (2010), an idealized horizontal pressure distribution (p) shown in Fig. 4.1b is used to

estimate the lateral load-carrying capacity. Note that the assumed shape of p in Fig. 4.1b is

similar to the horizontal pressure distribution obtained from FE analysis (Fig. 4.10). From
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Fig. 4.1b, the force and moment equilibrium equations at the pile head can be written as:

H =
1

2
KDγ′(2d2 − L2) (4.1)

M =
1

3
KDγ′(L3 − 2d3) (4.2)

Combining Eqs. (4.1) and (4.2), and replacing M = He, the following relationship is

obtained:

4R3 + 6R2 e

L
− (2 + 3

e

L
) = 0 (4.3)

where, R = d/L.

For a given e/L, Eq. (4.3) is solved for R which is then used to find d. Now inserting d in

Eq. (4.1) and (4.2), H and M are calculated.

In addition to the shape of the pressure distribution profile (Fig. 4.1b), estimation of

parameter K is equally important. Broms (1964) assumed K = 3Kp (i.e., p = 3KpDγ
′z)

for the entire length in front of the pile to calculate Hu. Comparison of field test results

show that Brom's method underestimates Hu (Poulos and Davis, 1980), especially for piles

in dense sand (Barton, 1982). Therefore, Barton (1982) suggested K = K2
p .

A close examination of all the FE results presented above show that the Hu calculated

using Eqs. 4.1−4.3 reasonably match the FE results at θ = 5◦ if K = 4.3Kp is used.

The open squares in Fig. 4.12 show that the calculated Hu using the empirical Eqs.

4.1−4.3 match well with the FE results. In this figure, H is plotted in normalized form

as H̄ = H/Kpγ
′DL2. As shown before, the lateral load-carrying capacity increases with
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decreasing eccentricity (Fig. 4.7a). Therefore, for a given rotation, the points with higher

H̄u represent the results for lower eccentricities. The rightmost points, where the maximum

discrepancy is found, are for the purely lateral load applied to the pile head (e = 0).

The discrepancy is not very significant for high eccentricities. As in offshore monopile

foundations the lateral load acts at relatively high eccentricity, Eqs. 4.1−4.3 and FE results

show better match for these loading conditions.

Figure 4.12: Comparison between lateral loads calculated from proposed simplified
equation and FE analyses

In order to provide a simplified guideline for SLS design, capacities of the monopile at two

more rotations (θ = 0.5◦ and 1◦) are also investigated. Reanalyzing H at these rotations,

it is found that if K = 1.45Kp and 2.25Kp are used for θ = 0.5◦ and 1◦, respectively, the

calculated H using Eqs. 4.1−4.3 reasonably match the FE results (Fig. 4.12). Similar to
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the mobilization of passive resistance behind a retaining wall with its rotation, this can be

viewed as at θ equals 0.5◦ and 1◦, while the mobilized K is 34% and 52% of the K at the

ultimate condition (θ = 5◦).

4.7 Lateral Force-Moment Interaction

Figure 4.13 shows the lateral force−moment interaction diagram in which H and M are

normalized as H̄ = H/Kpγ
′DL2 and M̄ =M/Kpγ

′DL3. The solid lines are drawn using

Eqs. 4.1−4.3 for θ = 0.5◦, 1◦ and 5◦ using K = 1.45Kp, 2.25Kp and 4.3Kp, respectively,

as described before. The scattered points (open triangles, squares and circles) show the

values obtained from FE analysis for these three levels of rotation. Purely a lateral load at

the pile head as shown in the vertical axis or purely a moment without anyH as shown in the

horizontal axis are not expected in offshore monopile foundations for wind turbine because

H acts at an eccentricity. However, these analyses are conducted for the completeness of

the interaction diagram. As shown in this figure, with increase in eccentricity (i.e., M̄ ) the

lateral load-carrying capacity H̄ decreases. The calculations using the simplified equations

with the recommended values ofK reasonably match the FE results for these three levels of

rotation. The shape of the M̄−H̄ interaction diagram is similar to experimental observation

(LeBlanc et al., 2010) and numerical modeling of large-diameter suction bucket foundation

(Achmus et al., 2013).

Reanalyzing available model test results, Zhang et al. (2005) proposed an empirical method

to calculate the ultimate lateral load-carrying capacity of rigid pile considering both soil
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pressure and pile-soil interface resistance. They calculated the depth of rotation using the

empirical equation proposed by Prasad and Chari (1999). Calculated Hu and Mu (= Hue)

by the empirical method of Zhang et al. (2005) for the eccentricities considered in the

present FE analysis are also shown in Fig. 4.13. The ultimate capacity of the large-diameter

monopiles (at θ = 5◦) is approximately 35% higher than the Zhang et al. (2005) empirical

model.

Figure 4.13: Normalized force−moment interaction diagram for θ = 0.5◦, 1◦ and 5◦

AsM = He, the slope of a line drawn from the origin in the M̄−H̄ plot (Fig. 4.13) is L/e.

In order to explain this diagram and to provide a worked example, consider a monopile of

D = 4 m and L = 18 m installed in dense sand of Dr = 80% and γ′ = 10 kN/m3 and

is subjected to an eccentric lateral load acting at e = 50 m above the pile head. For this

geometry, draw the line OA at a slope of L/e = 0.36 (Fig. 4.13). From the intersections
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of this line with M̄ − H̄ interaction diagram (solid lines), the normalized capacity of the

pile H̄ can be calculated as 0.04, 0.06 and 0.12 for θ = 0.5◦, 1◦ and 5◦, respectively. Now

calculating ϕ′ = 38.8◦ based on API (1987), Kp = 4.36 can be obtained, which gives

lateral load-carrying capacities of 2.26, 3.39 and 6.78 MN, and corresponding moments of

113, 170 and 339 MN-m for θ = 0.5◦, 1◦ and 5◦, respectively.

4.8 Conclusions

Three-dimensional FE analyses are performed to estimate the lateral load-carrying capacity

of monopiles in dense sand for different load eccentricities. Analyses are mainly conducted

by employing a modified form of Mohr-Coulomb model (MMC) that captures the typical

stress-strain behavior of dense sand. The following conclusions can be drawn from this

study:

1. FE analysis with the MMC model simulates the load−displacement behavior for a

wide range of lateral displacement of the pile head, including the reduction of stiffness

at large displacements, as observed in centrifuge model tests.

2. With the MMC model the mobilization of ϕ′ and ψ with rotation of the pile creates

distinct shear bands due to post-peak softening, which could not be simulated using

the Mohr-Coulomb model.

3. The load-carrying capacity of the pile depends on its rotation. For 0.5◦ and 1◦ rotation

of the pile, the mobilized capacity is approximately 34% and 52%, respectively, of

the ultimate capacity calculated at 5◦ rotation.
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4. At the ultimate loading condition the depth of the point of rotation of the pile is

approximately 0.7L for monopiles used in offshore wind turbine foundation loaded

at large eccentricity.

5. The simplified model based on a linear pressure distribution, with a pressure reversal

at the point of rotation, can be used for preliminary estimation of load-carrying

capacity. The capacity of large-diameter monopiles is higher than the estimated

capacity of small-diameter piles based on the empirical equations developed from

small-scale model test results.

Finally, it is to be noted that the effects of long-term cyclic loading on monopiles is another

important issue which has not been investigated in the present study.
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Chapter 5

Conclusions and Future Recommendations

5.1 Conclusions

The use of suction caissons as a mooring system is spreading worldwide. Also,

large-diameter steel piles are being extensively used for supporting offshore wind turbines.

Although, both suction caissons and large-diameter monopiles have been proven as viable

alternatives to the conventional gravity based anchoring system and long flexible piles,

respectively, the current design methodologies and standards still lack proper guidance

towards the optimum design. Finite element (FE) modeling is a strong tool in present days

to evaluate the soil−caisson and soil−pile interaction under various loading conditions.

FE modeling in conjunction with a proper soil constitutive model is a key to the successful

simulation of such soil−structure interaction behavior.

In the first part of the present study, FE modeling of suction caisson installed in dense

sand under oblique loading has been performed to evaluate the pullout capacity for various

loading angles and mooring positions. In the second part, concentration has been given

on the estimation of lateral capacity of large-diameter monopile for different loading

eccentricities, also installed in dense sand. The FE analyses have been conducted by

commercially available FE software package Abaqus/Explicit to reduce the convergence
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problem associated with large displacement analysis in Abaqus/Standard.

The behavior of sand is simulated by adopting a modified form of Mohr-Coulomb (MMC)

model which enables the stress and strain dependent behavior of dense sand to take into

consideration. The variation of mobilized friction angle (ϕ′) and dilation angle (ψ) with

mean effective stress and accumulation of plastic strain is incorporated, which is observed

in laboratory tests. This modification removes the constant dilation phenomenon of the

built-in Mohr-Coulomb (MC) model available in Abaqus. The stress and strain dependency

of mobilized friction angle (ϕ′) and dilation angle (ψ) of sand is implemented by user

subroutine VUSDFLD written in FORTRAN. In addition to the analyses performed by

the MMC model, the MC model is also used to show the comparison between the results

obtained by the both models.

The estimation of pullout capacity of suction caisson for various load inclination angles and

mooring positions is presented in Chapter 3. A total of 60 analyses have been performed

to examine the effects of loading angle, mooring position and aspect ratio on the pullout

capacity. The maximum pullout capacity is obtained for 75% mooring position with

loading angle of 0◦. Higher capacity is obtained for a constant caisson diameter (D) with

higher aspect ratio (L/D). The results obtained by both the MC and MMC models are

compared to centrifuge test results available in literature. Although, the results obtained by

the MC model matches well with the centrifuge test results, the MMC model has been

found to simulate better the soil behavior surrounding the caisson. The MMC model
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produces slightly lower pullout capacity than those obtained by the MC model. The possible

explanation of this phenomenon is the variation of mobilized ϕ′ and ψ with mean effective

stress and accumulated plastic strain. A distinctive shear band is formed which represents

the failure surface and the variation of ϕ′ and ψ is clearly observed inside the shear band. In

the MC model, this variation of ϕ′ and ψ is not achieveable and constant dilation prevails.

Hence, it can be concluded that, the MMC model can simulate better the soil behavior and

the estimation of pullout capacity.

In Chapter 4, the lateral capacity of large-diameter monopile for supporting offshore wind

turbines is investigated. A total of 46 analyses have been conducted to assess the effects of

load eccentricity and aspect ratio. Lower the load eccentricity, higher the lateral capacity

is obtained for a given aspect ratio (L/D). Also, for higher aspect ratio with a constant

pile diameter (D) and a given load eccentricity, higher capacity is obtained. The simulation

results with the MMC model compare well to centrifuge test results available in literature.

Based on the FE results, simplified equations are also proposed to estimate the lateral

and moment capacities of monopiles for different load eccentricities and aspect ratios,

which take into account the allowable rotation under serviceability limit state (SLS) under

monotonic load. The simulations with the MC model produce higher lateral capacities than

those obtained by the MMC model. The possible reason behind this can be explained by

the formation of distinctive shear bands in front of the pile (in loading direction) in case of

the MMC model which is not observed in case of the MC model. Also, the magnitudes of

mobilized ϕ′ and ψ vary across the shear bands formed which reach to peak at certain lateral
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displacement and then reduce to critical state (ϕ′
c) and 0◦, respectively. This variation of ϕ′

and ψ can not be achieved in the case of the MC model, where constant values of ϕ′ and

ψ are used. The simulations with the MMC model provide realistic behavior of dense sand

as observed in laboratory tests. Hence, the MMC model is a better tool for estimating the

capacity of monopiles and simulating the realistic behavior of surrounding dense sand.

5.2 Future Recommendations

The current study presents the estimation of inclined loading pullout capacity of suction

caisson and lateral capacity of large-diameter monopile in dense sand by employing an

advanced soil model (MMC model). The limitations associated with the conventional

built-in MC model have been overcome. Although, the MMC model has been used, the

simulations have been performed under static loading. Hence, some recommendations for

future studies can be made as follows:

• The simulations can be performed under cyclic loading to get a clear picture of

degradation of stiffness of soil.

• The consideration of excess pore water pressure generation due to cyclic loading can

also be investigated.

• The modulus of elasticity of soil can be varied with in situ mean effective stress in

the simulations in conjunction with the MMC model used in this thesis.

• The effect of disturbance of soil during installation and residual loading can be

investigated.
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Appendix A

The technical paper in Appendix A is prepared according to the conference format. This

part of the research has been published as:

Ahmed, SS, and Hawlader, BC (2014). Finite Element Modeling of Inclined Load Capacity

of Suction Caisson in Sand with Abaqus/Explicit. Proc. of the 24th International Ocean and

Polar Engineering Conference, Busan, Korea, June 15-20, pp. 463−469.

Most of the research work presented in this chapter was conducted by the first author. He

also prepared the draft manuscript. The second author supervised the research and reviewed

the manuscript.
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ABSTRACT 

 

Suction caissons are widely used in mooring systems for deep water oil 

and gas development projects. The response of a caisson in sand is 

different from its response in clay under pullout force. In this study, 

three-dimensional finite element (FE) analyses are conducted to 

calculate the pullout capacity of a suction caisson subjected to various 

oblique loadings. The FE modeling is performed using Abaqus FE 

software. In the mooring systems, the caisson could have a significant 

movement and rotation before reaching to the maximum pullout force. 

Therefore, the Arbitrary Lagrangian Eulerian (ALE) method available 

in the Abaqus/Explicit is used in the present FE analysis to avoid 

numerical issues due to excessive mesh distortion at large 

displacements that typically encountered in the FE formulations in the 

Lagrangian framework. The sand around the caisson is modeled using 

the Mohr-Coulomb model. The effects of key variables, such as loading 

angle, mooring position and aspect ratio, on pullout capacity and 

rotation of the caisson are presented. The comparison between FE and 

centrifuge test results is also shown. 

 

KEY WORDS: Suction caisson; Arbitrary Lagrangian Eulerian 

(ALE) method; pullout force; sand; loading angle; mooring position. 

 

INTRODUCTION 
 

Suction caissons (also known as suction anchors, suction piles or 

suction buckets) are a unique form of foundation/mooring system that 

have several advantages over traditional pile foundation and anchors.  

The main advantages include fast installation, elimination of the pile 

driving process, reduction in material costs and reusability. A suction 

caisson is a large diameter hollow cylinder, usually made of steel 

having top end closed and bottom end opened that is installed in soil by 

applying suction with pumping water out of caisson interior. Suction 

caissons are now widely being used in offshore industries for anchoring 

large offshore floating facilities to the seafloor. The pullout capacity of 

the caisson is one of the main concerns. The caissons are usually 

connected to the floating structures by a mooring line which is attached 

to a pad eye on one side of the caisson. 

The pullout behavior of suction caissons installed in both sand and clay 

is of great interest of many oil and gas development industry. Previous 

studies mainly focused on caissons in clay. For example, Aubeny et al. 

(2003) presented a theoretical method to estimate the inclined load 

capacity of suction caissons based on an upper bound plasticity 

formulation for clay. Cao et al. (2002a, b & 2003) conducted centrifuge 

tests and FE analyses for caissons in clay. Similarly, FE analyses have 

been performed using various soil constitutive models, including Cam 

Clay and MIT-E3 models, to understand the response of caissons in 

clay (e.g. Sukumaran et al., 1999; Handayanu et al., 2000; Zdravkovic 

et al., 2001). 

Limited number of research is available in the literature to estimate the 

pullout capacity of suction caissons in sand. The mechanisms involved 

in the installation of a caisson in sand is different from that of in clay. 

In sand, the seepage due to applied suction plays a significant role. The 

installation issues of suction caisson in sand and sand/silt layers have 

been described by Houlsby et al. (2005a, b) and Tran et al. (2007). 

Some centrifuge tests have been conducted in the past to understand the 

pullout behavior of caisson in sand (e.g. Allersma et al., 2000; Lee et 

al., 2003; Kim et al., 2005, 2009, 2010; Jones et al. 2007; Bang et al., 

2011, Jang and Kim 2013). Bang et al. (2011) reported a series of 

centrifuge tests at 100g on a model suction caisson in medium dense 

sand to determine the pullout capacities. 

 

Numerical modeling of suction caisson in sand is very limited. Deng 

and Carter (2000) conducted FE analyses of suction caisson in sand 

assuming axisymmetric loading conditions using the AFENA FE 

software package and Mohr-Coulomb soil model. Iftekharuzzaman and 

Hawlader (2012) conducted three-dimensional FE analysis using 

Abaqus/Standard FE software, where they encountered some mesh 

distortion issues at large displacement.  

 

This paper presents three-dimensional FE modeling of suction caisson 

in sand subjected to pullout loading at different inclination angles and 

mooring line attachment positions to evaluate the pullout capacities. A 

total of 60 cases are analyzed to determine the pullout capacity of the 

caisson. A parametric study is also conducted to evaluate the effects of 

length/diameter ratio on pullout capacity. The finite element results are 

compared with centrifuge test results. 

 

PROBLEM DEFINITION 
 



  

A suction caisson of length L and diameter D installed in dense sand is 

simulated in this study. During the installation, the soil in the vicinity 

of the suction caisson can be disturbed. However, the effects of 

disturbance on capacity are not considered in this study, instead the 

simulations are performed for a wished-in-place suction caisson. The 

caisson is loaded at the five pad eye locations shown in Fig. 1 (a) at 

different angle  with the horizontal (Fig. 1b). The sign convention 

used for displacement and rotation of the caisson is shown in Fig. 1(c).  

 

 
 

Fig. 1. Problem definition: a) pad eye position, b) loading angle,  

c) sign convention for displacement and rotation  

 

FINITE ELEMENT MODEL 

 
The FE analyses are performed using the commercially available finite 

element software Abaqus/Explicit 6.10-EF-1. Taking the advantage of 

symmetry, a half-circular soil domain of diameter 22 m and depth 20 m 

is modeled as shown in Fig. 2. The size of the soil domain is large 

enough compared to the size of the caisson, and therefore, significant 

boundary effects are not expected on calculated load, displacement and 

deformation mechanism. 

 

In the FE model (Fig. 2), the vertical plane of symmetry is restrained 

from any displacement perpendicular to it, while the other sides of the 

soil domain are restrained from any lateral displacement using roller 

supports at the nodes. The bottom boundary is retrained from any 

vertical displacement, while the top boundary is free to displace. 

 

The soil is modeled using the C3D8R solid homogeneous elements 

available in Abaqus/Explicit element library, which is an 8-noded 

linear brick element with reduced integration and hourglass control. 

The mooring line is modeled as 3D wire using T3D2 element (a 2-node 

linear 3-D truss) with no interaction with soil domain. Typical FE mesh 

used in this study is shown in Fig. 2. 

  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 2. Finite element mesh used in analysis 
 

Modeling of Suction Caisson 

 

A caisson of 6 m length and 3 m diameter with 100 mm wall thickness 

is modeled first. This geometry is referred as “base case” in the 

following sections. Analyses are also performed for different length 

and diameter to show the effects of aspect ratio. In the following 

sections, the results of base case are presented first. Modeling the 

caisson as elastic-perfectly plastic material and also as rigid body, it is 

found that the pullout capacity and rotation do not very significantly 

with these modeling techniques. However, the FE model with the 

caisson as a rigid body is computationally very efficient. Therefore, the 

caisson is considered as a rigid body in the FE analyses presented in the 

following sections. 

 

Modeling of Mooring Line 

 

A wire of 50 m length representing the mooring line connected to the 

suction caisson is modeled using truss element with material properties 

of steel. The interface friction between the mooring line and soil is 

assumed to be zero. The pullout force is applied by a displacement 

boundary condition at the far end. 

 

Modeling of Sand 

 

The sand is modeled by the Mohr-Coulomb model available in the 

Abaqus FE software. The submerged unit weight of sand of 8.2 kN/m3 

is used. The geometry and mechanical properties used in the analysis 

are shown in Table 1. It is to be mentioned that the geometry and soil 

parameters stated in Table 1 are very similar to Bang et al. (2011), 

because the FE results are compared with their centrifuge test results to 

show the performance of the present FE model. 

 

The soil/caisson interaction is modeled using Coulomb friction model, 

which defines the friction coefficient (µ) as µ=tan(µ), where µ is the 

soil/caisson interface friction angle. The value of µ is assumed to be 

equal to 0.6p in this analysis. 

 

The effects of loading position and angle of loading are investigated for 

the base case parameters listed in Table 1. The loads are applied at 5%, 

25%, 50%, 75% and 95% mooring positions from the top of the 

caisson. The inclination angle of the load () is varied as 0, 22.5, 45, 

67.5 and 90 for each mooring position. That means a total of 25 

analyses are conducted for the base case to evaluate the effects of 



  

mooring position and load inclination angle. 

 

Table 1. Geometry and mechanical properties in FE modeling 

 

Suction 

Caisson 

Diameter (D) 3 m 

Length (L) 6 m 

Mooring 

Line 

Modulus of elasticity (Es) 2.08×108 kN/m2 

Poisson’s ratio (p) 0.29 

Sand 

Angle of internal friction (p) 39 

Angle of dilation () 9 

Modulus of elasticity (Es) 60,000 kN/m2 

Poisson’s ratio (s) 0.30 

Cohesion (c)1 0.10 kN/m2 

Submerged unit weight () 8.2 kN/m3 

1Cohesion is required to be defined in Abaqus FE analysis. For sand 

in this study a very small value of c=0.10 kN/m2 is used. 

 

RESULTS 

 
Mesh Sensitivity Analysis 

 

In general, smaller FE mesh yields more accurate results but 

computationally expensive. For efficient modeling, small elements are 

used near the caisson. The size of the elements is increased with 

increase in radial distance from caisson as shown in Fig. 2. Similarly, 

the element size is increased with distance from the bottom of the 

caisson. To select the optimum mesh, several trial analyses are 

conducted with different mesh sizes. The force-displacement curves for 

three different sizes of mesh are shown Fig. 3 for 50% mooring 

position and loading angle, =0. As shown in Fig. 3 that the calculated 

pullout force is smaller with fine mesh than that of with coarse mesh. In 

this study, the medium dense mesh is selected to perform the analyses 

as it is computationally faster, although it is recognized that it gives 

slightly higher pullout force than that of with fine mesh. 

 

 
Fig. 3. Mesh Sensitivity Analysis 

 

Force-displacement Curves 

 

Typical variation of pullout force with total displacement along the 

direction of pulling is shown in Fig. 4. The pullout force is obtained 

from the axial force in the wire (truss element in this case). As 

Abaqus/Explicit is used, a large displacement could be applied without 

numerical issues. In this study, a total displacement of 1.5 m is applied. 

 
Fig. 4. Typical force-displacement curve (mooring position 5% from 

the top) 

 

Several methods are available in the literature to estimate the maximum 

resistance or capacity of pipelines, anchors or pile foundations form 

force-displacement curves. As shown in Fig. 4, mainly four types of 

force-displacement curves are obtained from the present FE analyses. 

Firstly, the force-displacement curve does not show any clear peak as 

shown for =0 in Fig. 4. Two out of 25 cases analyzed show this type 

of behavior. In this cases, the pullout force at 0.3 m (=0.1D) 

displacement is considered as the pullout capacity as shown by the 

open triangle in Fig. 4. The second type of force-displacement curve 

shows a clear peak at about  0.1D  displacement as shown in Fig. 4 for 

=22.5. In the third type of force-displacement curves, a clear peak is 

formed before 0.1D displacement as shown in Fig. 4 for =45 with an 

open circle. Finally, in the fourth type the peak force is developed at 

displacements more than 0.1D. However, it is found in all third and 

fourth type of force-displacement curves that the difference between 

the peak forces (circles) and the force at 0.1D displacement is very 

small. Therefore, in this study the force at 0.1D displacement is 

considered as the pullout force. 

 

The decrease in pullout force at large displacement is mainly because 

of significant upward movement and rotation of the caisson at large 

displacement. 

 

Pullout Capacity 

 

The pullout capacities for different loading angles and mooring 

positions are shown in Fig. 5. The solid lines in this figure show the FE 

results while the data point of same symbol show the centrifuge test 

results (Bang et al., 2011) of similar conditions. The pullout capacities 

obtained from the present FE analysis follow the same trend as 

obtained in the centrifuge tests (Bang et al, 2011). For a given mooring 

position, the maximum pullout capacity is obtained for lateral loading 

(=0), while the minimum pullout capacity is obtained for =90. The 

difference between the pullout capacity for =90 and =67.5 is very 

small for mooring position up to 75%, because in both cases the 

caisson moves almost vertically. Note that, even at =90 the caisson 

does not move pure vertically as the pad eye is located on one side of 

the caisson and therefore some counterclockwise rotation is occurred. 

The maximum pullout capacity is developed at approximately 75% 

mooring position for  ≤ 45. 

 



  

 
Fig. 5. Comparison of pullout capacity between FE and centrifuge tests 

 

Rotation 

 

The rotation of the caisson has a significant effect on force-

displacement behavior. The rotation of the caisson about the geometric 

center with total displacement is plotted in Fig. 6 for 25% mooring 

positions and different load inclination angles. The sign convention 

used for rotations is shown in Fig. 1(c) in which positive value 

represents clockwise rotation. As shown, the caisson rotate clockwise 

for =0, 22.5 and 45. However, for =90 counterclockwise rotation 

is occurred. For =67.5, very small rotation of the caisson is occurred. 

It is to be noted here that although the rotation varies almost linearly 

with displacement in this case, it is not true for all the cases analyzed. 

 

 
Fig. 6. Typical rotation of caisson (mooring position 25% from the top) 

 

The rotation of the caisson at the pullout capacity (0.1D displacement) 

is shown in Fig. 7 for different mooring positions and load inclination 

angles. The clockwise positive rotation is occurred for 5%, 25% and 

50% mooring positions for =0, 22.5 and 45. The maximum positive 

rotation is occurred for 50% mooring position at =0. On the other 

hand counterclockwise (negative) rotation is occurred for 75% and 95% 

mooring positions. Very small rotation is calculated for large values of 

 (=67.5& 90), which is also almost independent of mooring position. 

This is one of the reasons of calculating similar pullout capacity at 

these loading angles as shown in Fig. 5. The rotation is almost 

independent of mooring positions for 90 loading angle, and therefore 

almost same pullout capacity is obtained for different mooring 

positions for this value of  as shown in Fig. 5. 

 

 
Fig. 7. Rotation of caisson at pullout capacity 

 

Lateral Displacement 

 

Figure 8 shows the lateral displacement of the geometric centerline of 

the caisson with depth for different mooring positions at =0 at the 

pullout capacity (0.1D displacement). The lateral displacements for 

loading at 5%, 25% and 50% mooring positions are opposite to that of 

75% and 95% mooring positions. The minimum lateral displacement 

and rotation of the caisson are occurred for loading at =0 and 75% 

mooring position. 

 

 
Fig. 8. Lateral displacement of caisson for =0  

 

Shape of Soil Failure Wedge 

 

The shape of failure wedge of soil due to inclined loading applied on 

the caisson is dependent on mooring position and loading angle. The 

maximum principal plastic strain and the magnitude of total 

displacements for loading at 25% and 75% mooring positions at =0 

are shown in Fig. 9 and Fig. 10, respectively. As shown in Fig, 9(a) that 

significant plastic strain is developed in a narrow zone in the right side 

of the caisson, and a wedge of soil is pushed upward forming heave at 

the right side of the caisson. The plastic strain inside the wedge is not 



  

very significant. The movement of this wedge is governed by the 

passive resistance of the soil. In the left side, a gap is formed near the 

bottom of the caisson and a wedge of soil moves downward resulting in 

settlement at the seabed. The failure of this soil wedge is mainly 

governs by the active failure condition. 

 

 
Fig. 9. Maximum principal plastic strain and total displacement profile 

for 75% mooring position and 1.5 m displacement at =0 

 

 
Fig. 10. Maximum principal plastic strain and total displacement profile 

for 25% mooring position and 1.5 m displacement at =0 

 

When the caisson is loaded at 25% mooring position, the rotation is in 

the opposite direction of the rotation for 75% mooring position. 

Therefore, the soil failure pattern is different as shown in Fig. 10. 

 

The formation of failure wedge in the xy plane for different mooring 

positions and loading angles obtained from the present FE analyses are 

shown schematically in Figs. 11 and 12. When the caisson is loaded at 

=67.5 and =90 the caisson rotates counterclockwise and failure 

wedges as shown in Fig. 11 is formed irrespective of the mooring 

positions. On the other hand, when the caisson is loaded at =0, 22.5 

and 45, the failure pattern is depends on mooring position because of 

the rotation of the caisson in different direction (Fig. 12). When the 

caisson is loaded at 5%, 25% and 50% mooring positions, the failure 

wedge shown in Fig. 12(a) is formed. However, when it is loaded at 

75% and 95% mooring position a larger passive wedge is formed as 

shown in Fig. 12(b). This important phenomenon should be considered 

in the calculation of the pullout capacity of the caisson. 

 

 
Fig. 11. Failure wedge for =67.5 and 90 and all mooring positions 

 

 

 
Fig. 12. Failure wedge for =0, 22.5 and 45: (a) mooring position 

5%, 25% and 50%, (b) mooring position 75% and 95%  

 

EFFECT OF ASPECT RATIO (L/D) 

 

The results presented in the previous sections are for the base case 

where length L=6 m and diameter D=3 m is used. In this section, the 

pullout capacity for different L/D ratio is presented. A total of 35 

additional analyses are performed to investigate the effect of L/D ratio 

on pullout capacity. The geometric parameters are listed in Table 2 

which are used for the analyses. All the analyses are conducted for 5%, 

25%, 50%, 75% and 95% mooring positions. Only one value of  (=0) 

is used and the results are compared with the centrifuge tests results by 

Jang and Kim (2013) where the applied load was in the lateral 

direction. The soil parameters used in the analysis are listed in Table 1. 

A typical force-displacement curve for 50% mooring position with 

different L/D ratio is shown in Fig. 13. For better comparison, the 

pullout force and displacement are normalized by diameter in this case 

a) 

b) 

a) 

b) 



  

as the diameter is varied. Here, σ'v is the initial vertical effective stress 

at the bottom of the caisson. As shown the normalized pullout capacity 

increases with increase in L/D ratio. 

 

Table 2. Geometric parameters for different aspect ratios 

 

L/D L (m) D (m) L (m) D (m) 

1.5 9 6 6 4 

2.0 9 4.5 6 3 

2.5 9 3.6 6 2.4 

3.0 9 3 6 2 

 

 
Fig. 13. Force-displacement curves for 50% mooring position 

 

The pullout capacity for different mooring position is shown in Fig. 14. 

In all four L/D, the maximum pullout force is obtained for 75% 

mooring position. Although limited, the centrifuge test results of Jang 

and Kim (2013) is also shown in Fig. 14. The FE results compare 

reasonably with the centrifuge test results. 

 

CONCLUSION 
 

Finite element analyses are conducted to investigate the response of 

suction caissons in dense sand under large displacement. 

Abaqus/Explicit FE software package is used in order to overcome the 

difficulties involved in Abaqus/Standard for large displacement 

analysis. The caisson is moved 50% of its diameter i.e., 1.5 m and 

force-displacement curves over a large displacement condition is 

obtained. The results obtained from the present FE analyses compare 

reasonably with available centrifuge test results. 

 

The uplift capacity is examined based on three key factors: mooring 

position, load inclination angle and L/D ratio. The maximum uplift 

capacity obtained for 75% mooring position at 0 inclination angle of 

loading. The rotation of the caisson plays a key role in the pullout 

capacity. Moreover, the normalized capacity of the caisson increases 

with increase in L/D ratio. 

 
Fig. 14. Pullout capacity for =0 for different mooring positions 
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ABSTRACT
With increasing demand of energy, attention to the alternative

sources of sustainable energy is getting priority over the last
decades. Offshore wind turbine is one of them. The most widely
used foundation system for the wind turbine is the monopile,
which is a large diameter single pile. In the present study,
three-dimensional finite element (FE) analyses are performed
to evaluate the capacity of large diameter monopiles in dense
sand using the Arbitrary Lagrangian-Eulerian (ALE) approach
available in Abaqus/Explicit FE software. The behavior of
sand is modeled using the Mohr-Coulomb (MC) and a modified
Mohr-Coulomb (MMC) model where the pre-peak hardening,
post-peak softening and the effects of mean effective stress
and relative density on stress-strain behavior of dense sand are
considered. Comparison with physical model test results shows
that the MMC model can simulate better the load-displacement
response than that with theMCmodel. Themechanisms involved
in soil deformation are also explained using FE results.

Keywords: monopiles; finite element methods; dense sand;
offshore wind turbine.

INTRODUCTION
The quest for renewable and sustainable energy system is

one of utmost priorities in today’s world. Wind energy is one
of the most promising renewable energy sources through which
electricity can be produced by using large wind turbines. The
use of wind turbines in offshore is now growing because more
electricity could be generated using larger structures in offshore.

The possible options (Fig. 1) that can be used as foundation for
offshore wind turbines are: gravity based foundation, monopile,
mono-caisson, multi-pile andmulti-caisson [1]. At shallowwater
depths (<35 m), monopiles are the most popular foundation
option. For example, by the end of 2013, monopiles cover 76%
of all the foundation types for wind turbines [2].

While being used as foundations to support offshore wind
turbines, monopiles encounter large overturning moment and
horizontal load compared to vertical load. The aim of the present
study is to model numerically the combined effects of horizontal
and moment loading (because of load eccentricity) on monopile.
While authors understand that cyclic loading due to wave and
wind actions on the pile is equally important, the focus of this
study is to simulate the behavior of monopile under static loading.

The most widely used current design method for monopiles
is the p–y curve method [3]. Another alternative design method
is the strain wedge method developed by Norris [4] and Ashour
and Norris [5]. Although the p–y curve method has been used
in the design of piles for offshore oil and gas platforms, it has
originally been developed from field tests on long and flexible
piles with small load eccentricity and having relatively small
diameters ranging between 0.5 and 2.0 m ([6], [7]). Since the
anticipated loads on offshore wind turbine supporting monopiles
include a large moment as well as horizontal load, the design of
these large diameter monopiles based on the p–y curve method
requires significant extrapolation.

The behavior of monopiles as a foundation system for
offshore wind turbines is still under research. The primary focus
of most of the research is on the initial stiffness and the ultimate
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capacity for the p–y curves (e.g., [8], [9], [10], [11], [12], [13]). A
few field test results and centrifuge test results onmonopiles have
also been reported in the literature. For example, Hokmabadi et
al. [14] reported a full-scale test on monopiles in the Pars Special
Economic Energy Zone in southern Iran. Dickin and Nazir [15]
conducted centrifuge tests on short rigid piles to evaluate moment
carrying capacity. Klinkvort et al. [16] reported centrifuge tests
to evaluate the performance of piles under cyclic lateral loading.
Klinkvort and Hededal [17] reported centrifuge test results of
monopiles under static combined loading and cyclic loading in
sand. In a recent study, Klinkvort and Hededal [18] conducted
centrifuge tests to examine the effects of load eccentricity on
load-displacement behavior and proposed a modified hyperbolic
equation for the p–y curves.

Figure 1: Foundation options for offshore wind turbine (after
Byrne [1])

Limited attempts have been undertaken to simulate the
behavior of eccentrically loaded monopiles using FE methods.
Numerical modeling of monopiles and suction caissons in sand
has been performed by Rahman and Achmus [19] and they
reported the effects of L/D ratio on stiffness of foundation as
well as horizontal displacement and rotation. Wolf et al. [20]
performed numerical analysis of a laterally loaded monopile in
sand and compared the p–y curves with a full-scale test results
and API method.

In the present study, three-dimensional FE analyses are
performed to evaluate the response of a monopile in dense
sand subjected to lateral load at different eccentricities using
Abaqus/Explicit FE software. Recognizing the need of an
appropriate constitutive model for dense sand, a modified form of
Mohr-Coulombmodel is employed. Analyses are also performed
using the built-in Mohr-Coulomb model. The FE results are
compared with centrifuge test results.

PROBLEM DEFINITION
A monopile of length L and diameter D installed in dense

sand is simulated in this study. During the installation, the soil
in the vicinity of the monopile can be disturbed. However, the
effects of disturbance on capacity are not considered in this study,

instead the simulations are performed for a wished-in-place
monopile. The monopile is horizontally loaded for two different
load eccentricities shown in Fig. 2. The sign convention used for
displacement of the monopile is also shown in this figure.

Figure 2: The schematic of the model monopile

FINITE ELEMENT MODEL
Numerical analyses are performed using the commercially

available FE software package Abaqus/Explicit 6.13-1. Taking
the advantage of symmetry, a half-circular soil domain of
diameter 45 m (=15D) and depth 30 m (=1.67L) is modeled
as shown in Fig. 3. The size of the soil domain is selected based
on preliminary analyses conducted with different dimensions.
The size of the domain is large enough compared to the size
of the monopile considered and therefore significant boundary
effects are not observed on calculated load, displacement and
deformation mechanisms.

In the FE model (Fig. 3), the vertical plane of symmetry
is restrained from any displacement perpendicular to it, while
the other sides of the soil domain are restrained from any lateral
displacement using roller supports at the nodes. The bottom
boundary is restrained from any vertical displacement, while
the top boundary is free to displace. The soil and the pile are
modeled using the C3D8R solid homogeneous elements available
in Abaqus/Explicit element library, which is an 8-noded linear
brick element with reduced integration and hourglass control.
The monopile is modeled as a rigid body with a reference point
at a distance e above the pile head, where, displacement is applied
along the x direction. This creates horizontal loadH andmoment
M = H × e at the pile head.

MODELING OF MONOPILE
Klinkvort andHededal [18] conducted a number of centrifuge

tests to understand the response of monopiles in dense sand
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subjected to eccentric lateral loading. Two of their tests (T6 and
T9) are simulated in this study to show the performance of the
present FE modeling. In these tests a monopile of 18 m length
and 3 m diameter in prototype scale was installed in saturated
dense sand (Dr ≈ 90%). The pile was then subjected to lateral
loading at an eccentricity (e) of 8.25D and 15D in test T6 and
T9, respectively (Fig. 2). Although monopiles are typically
hollow, Klinkvort and Hededal [18] conducted tests using solid
steel piles and therefore the rigidity might be different. In order
to check this effect, first the analysis is performed with a hollow
steel pile of 100 mm wall thickness where the pile is modeled as
elastic-perfectly plastic material. In the second step, analysis is
performed assuming the pile as a rigid body. No significant
difference between these two analyses is found. Therefore,
all the analyses presented in the following sections, the pile is
considered as a rigid body because it saves the computational
time significantly.

MODELING OF SAND
The Mohr-Coulomb (MC) model is one of the most widely

used soil constitutive model which can reasonably simulate the
behavior of sand. This model has been used earlier to evaluate
the combined loading behavior of monopile as well as to simulate
the deformation characteristics of surrounding sands ([19],
[20]). However, the Mohr-Coulomb model has some inherent
limitations. Once the soil reaches the yield surface, constant
dilation is employed which implies that soil will continue to
dilate indefinitely if shearing is continued, whereas realistically
the soil reaches the critical state as found from laboratory tests.
In the present study, this limitation is overcome by employing
a modified form of Mohr-Coulomb (MMC) model proposed by
Roy et al. [21] which takes into account the effects of pre-peak
hardening, post-peak softening, density and confining pressure
on angle of internal friction (ϕ′) and dilation angle (ψ) of dense
sand. A summary of the constitutive relationships of the MMC
is shown in Table 1.

The peak friction angle of sand increases with the increase in
relative density (Dr) and decreases with the increase in confining
pressure, which is a well-recognized phenomena observed in
both triaxial tests and direct simple shear tests. The variation
of mobilized friction angle and dilation angle with accumulated
plastic strain can be expressed as functions of relative density
and confining pressure ([22], [23]). Hsu and Liao [22] and
Hsu [23] proposed some relationships among mobilized friction
angle, dilation angle, relative density, confining pressure and
accumulated plastic shear strain. They also implemented these
relationships in FLAC to evaluate the uplift behavior of anchors
in sand. More recently, Roy et al. [21] further improved
the relationships (MMC model) and successfully employed in
Abaqus to simulate the behavior of buried pipeline in dense
sand.

In this paper, both MC and MMC models for dense sand are
used to evaluate the capacity of monopiles for eccentric loading
and to capture the deformation behavior of surrounding sand and

then compared to the available test results. In the MMC model,
the mobilized friction angle and dilation angle of dense sand
is varied with accumulated plastic strain as well as confining
pressure via user subroutine written in FORTRAN.

Figure 3: Finite element mesh used in the study

The soil parameters used in FE analysis are listed in Table
2. Details of these soil parameters are available in Roy et
al. [21]. However, two parameters Aψ and kψ need to be
discussed further. Based on experimental results, Bolton [24]
recommended Aψ=5 and kψ=0.8 for plane strain condition and
Aψ=3 and kψ=0.5 for triaxial condition. In a recent study,
Chakraborty and Salgado [25] showed that Aψ=3.8 and kψ=0.6
is valid for both triaxial and plane strain condition for Toyoura
sand. Note that, the soil around the pile under loading is not only
in triaxial or plane strain condition but varies in a wide range of
stress conditions. Therefore, in this study Aψ=3.8 and kψ=0.6
is used for simplicity. In addition, the parameter Q is varied
as Q = 7.4 + 0.6ln(σ′

c) [25] with 7.4 ≤ Q ≤ 10, where σ′
c

is the initial confining pressure which is calculated from in-situ
stresses.

As the variation of ϕ′ and ψ with plastic strain and confining
pressure is not considered in the Mohr-Coulomb model, the
estimation of representative values for constant ϕ′ and ψ is
challenging. Based on American Petroleum Institute ([26]), ϕ′
(in degree) can be estimated as ϕ′ = 16D2

r + 0.17Dr + 28.4.
Now using the relationship proposed by Bolton [24], the ψ =
(ϕ′ − ϕ′c)/0.8 can be calculated. In this study, ϕ′ = 41.5◦ and
ψ = 12.5◦ for Dr=90% and ϕ′c = 31◦. It is to be noted here
that, ϕ′ = 41.5◦ and ψ = 12.5◦ are used while conducting the
analyses with the MC model.

The soil/pile interaction is modeled using the Coulomb
friction model, which defines the friction coefficient (µ) as
µ = tan(ϕµ), where ϕµ is the soil/pile interface friction angle. A
value of µ=0.5 is used in this study.
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Table 1: Equations for Modified Mohr-Coulomb Model (MMC) (summarized from Roy et al. [21], [28] )

Description Constitutive Equation Soil Parameters

Relative density
index IR = ID(Q− ln p′)−R

ID =
Dr(%)

100
, R = 1 [24], Q = 7.4 + 0.6 ln(σ′

c) &

7.4 ≤ Q ≤ 10 [25], σ′
c = p′

(
1− 2 sinϕ′c

3− sinϕ′c

)
Peak friction angle ϕ′p = ϕ′c +AψIR ϕ′c, Aψ

Peak dilation angle ψp =

(
ϕ′p − ϕ′c
kψ

)
kψ

Strain softening
parameter γpc = C1 + C2ID C1, C2

Plastic strain at ϕ′p γpp = γpc

(
p′

p′a

)m
p′a,m

Mobilized friction
angle at zone-II

ϕ′ = ϕ′in+sin−1

[(
2
√
γpγpp

γp + γpp

)
sin(ϕ′p − ϕ′in)

]

Mobilized dilation
angle at Zone-II

ψ = sin−1

[(
2
√
γpγpp

γp + γpp

)
sin(ψp)

]

Mobilized friction
angle at zone-III

ϕ′ = ϕ′c + exp

[
−
(
γp − γpp
γpc

)2
]
(ϕ′p − ϕ′c)

Mobilized dilation
angle at Zone-III

ψ = exp

[
−
(
γp − γpp
γpc

)2
]
ψp

Symbols: Aψ: slope of (ϕ′p − ϕ′c) vs. IR;m,C1, C2: soil parameters; IR: relative density index; kψ: slope of (ϕ′p − ϕ′c) vs. ψp;
ϕ′in: ϕ′ at the start of plastic deformation; ϕ′c: critical state friction angle; γp: engineering plastic shear strain

The Young’s modulus of sand (Es) can be expressed as a
function of mean effective stress (p′) as,Es = Kpatm(p′ ⁄patm)n

[27]; where, K and n are soil parameters and patm is the
atmospheric pressure. However, in this study, no attempt has
been taken to vary Es with p′ during loading; rather, a constant
value of Es=90 MPa is used which is a reasonable value for a
dense sand having Dr=90%.

RESULTS
Load-Displacement Behavior

Figure 4 shows the normalized load-displacement curves
for the two centrifuge tests simulated in this study. Similar to
Klinkvort et al. [18], the horizontal load (H) is normalized as
H/Kpγ

′D3, where Kp is the Rankin’s passive earth pressure

coefficient. The horizontal displacement of the pile head (U ) is
normalized by diameter. The load-displacement curves obtained
from centrifuge tests [18] are also plotted in this figure. As shown
in Fig. 4, the FE results with the MMC model match very well
with test results.

The dashed lines in Fig. 4 show the FE results with the
built-inMohr-Coulombmodel in ABAQUS. For both e = 8.25D
and e = 15D, the MC model calculates higher normalized
resistance than test results. This is because of two reasons—at
low U /D, the mean stress in front of the pile is low and very
few elements reach the post-peak softening state. These factors
increase mobilized ϕ′ and ψ′. In contrast, at large displacements,
the mean stress and the number of elements in the post-peak
softening state increase (shown later), which reduce ϕ′ and ψ′,
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causing the reduction of the stiffness of the force-displacement
curve. This trend is very similar to the centrifuge test results. As
these factors are not considered in the MC model, the reduction
of stiffness with U /D cannot be simulated.

Figure 4: Comparison of normalized load displacement curve
with centrifuge test results

Table 2: Parameters used in FE analyses
Parameters Value
External diameter of monopile,D (m) 3
Length of the monopile, L (m) 18
Poisson's ratio of soil, νsoil 0.3
Aψ 3.8
kψ 0.6
ϕ′in 29◦
C1 0.22
C2 0.11
m 0.25
Critical state friction angle, ϕ′c 31◦
Relative density of sand, Dr (%) 90
Submerged unit weight, γ′ (kN/m3) 10.2
Interface friction co-efficient, µ 0.5
1Cohesion, c′ (kN/m3) 0.10

SOIL FAILURE MECHANISM
The mechanisms involved in force-displacement behavior

can be further explained using plastic deformation of soil and
formation of shear bands (plastic shear strain concentrated
zones). Figure 5 shows the development of plastic shear strains
for the simulation of test T9 for three different values of U /D
(=0.03, 0.2 and 0.6) with D=3 m. The left column of Fig. 5
(a–c) shows the simulation using the MMC model. Figure 5(a)
shows that at small U /D=0.03, the plastic shear strains develop
in the soil mainly near the pile head. Because of eccentric
lateral loading, an inclined downward shear band f1 is formed
in front of the pile (right side) from the pile head. At this stage,

another inclined upward shear band f2 is also formed. These
shear bands created a failure wedge. Very small or negligible
plastic shear strains develop in the soil elements inside the wedge.
With increase in lateral displacement, the plastic shear strains
inside and around the shear bands mainly increase. At U /D=0.2,
another shear band f3 is formed (Fig. 5b). The process is
continued as shown in Figs. 5(a) to 5(c).

The formation of plastic shear zones in the soil around
the pile with the Mohr-Coulomb (MC) model (right column of
Fig. 5) is different from the simulation with the MMC model.
For the MC model, the shear band formation is not very clear
because post-peak softening is not considered in this model. The
plastic shear strains are distributed over a large area in front
of the pile. In other words, the soil failure mechanisms with
the Mohr-Coulomb model are different from that of with the
modified Mohr-Coulomb model.

CONCLUSIONS
In this study, FE modeling is carried out to simulate the

response of large diameter monopiles in dense sand which are
widely used to support offshore wind turbines. Recognizing the
fact that constitutive model of sand influences the load carrying
capacity, two models of sand are employed in the present FE
simulations. It is shown that if the mobilized friction angle
and dilation angle are modeled as function of plastic strain,
density, and mean effective stress as the proposed modified
Mohr-Coulomb model, the simulation of load-displacement
response improves as compared to the simulations with the
Mohr-Coulomb model where constant friction angle and dilation
angle are used. The failure mechanisms are also different
in the simulations with the Mohr-Coulomb and modified
Mohr-Coulomb models.
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